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Abstract
This thesis details the research and development steps undertaken to improve and
enhance the Linear Matching Method Framework (LMMF) for high temperature structural integrity assessment. Firstly, a more accurate interpolation method is developed
to calculate the revised yield stress, which is necessary to calculate the creep rupture
limit. Convergence issues are also investigated to improve the numerical difficulties
often suffered by the ”fluctuating” revised yield stress. Secondly, the extended Direct
Steady Cycle Analysis (eDSCA) is used to solve two complex case studies and a comprehensive theoretical study is undertaken on the effect of combined creep and cyclic
plasticity. This subroutine is enhanced by adding many new features, including the
possibility to calculate the fatigue damage using only few tensile constants. Multiple
creep dwells within the load cycle can be considered and improvements are made to the
cyclic loop construction. In order to make the eDSCA more accurate for creep damage
assessment, the stress modified ductility exhaustion method is implemented combining
the advantages of both stress and strain based methods. Thirdly, several case studies on
creep-fatigue interaction are discussed thanks to the flexibility of the LMMF including
the detrimental effect of creep-ratchetting. Furthermore, a new potentially dangerous
mechanism involving the sudden accumulation of plastic strain during the creep dwell
is identified and studied by numerical means.
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Chapter 1

Introduction
1.1

Structural integrity and power industry

The UK’s greenhouse gas emissions are estimated to be 514 M tCO2 e per year, and it
is committed to reduce this to 371.2 M tCO2 e by 2020 and to 159 M tCO2 e by the end
of 2050 [1]. The use of nuclear power has been identified as a part of the solution to
the decarbonisation challenge by combating global warming and preserving a cleaner
environment for future generations. However, the ageing of nuclear power plants such
as the UKs Advanced Gas-cooled Reactor fleet requires costly decommissioning after a
very long operating life. This leads to the necessity of a newer, more efficient and safer
nuclear fleet to supply reliable cost effective and carbon-free electricity. In the scenario
of an ageing and more reliable new nuclear power plant fleet, structural integrity plays
an important role, for both the old and new generation of the UK’s nuclear power
station fleets. Due to the necessity of supporting national energy demand, the AGR
fleet life has recently been extended up to 2030. In this additional operation phase,
monitoring the structures and assessing crack initiation in aged structures such as
boilers is mandatory, since due to their design, replacement is not practical. The
safe operation and end of life of these nuclear power plants have a crucial impact not
only on the national demand for electricity but also on financial investments of several
industries related to the nuclear power generation in the UK. At least four different
types of reactors have been selected to be built in the UK (i) AP1000 (Westinghouse),
(ii) ABWR (Hitachi-GE), (iii) SMR (NuGen) and (iv) EPR (EDF Energy). Operating
temperatures and load can vary in each design, and there is also a growing interest in
High-Temperature Reactors capable of reaching temperatures of up to 1000◦ C.
Structural integrity assessment has been a crucial aspect of conventional and nuclear
power industries and has a remarkable impact on the latter. Subsequent efforts have
been made to solve new emerging issues, since the beginning of the commercial nuclear
power era, with the Calder Hall grid connection in 1956. Structure integrity has played
a major role due to the increasing ageing of the power plants, and the ageing of material
increased concern over the safety of reactor components. Different problems due to the
ageing have been encountered, such as the Reactor Pressure Vessel embrittlement for
the UK Magnox reactor, the graphite core cracking and the crack initiation of the boiler
weldment [2] in the AGR.
International design codes including ASME Boiler and Pressure Vessel Code (NH)
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[3] and the UK’s R5 high-temperature assessment procedure [4] are used to develop and
assess power plant components and are always under development to improve their
capabilities. However, these design codes have limitations in anticipating unknown
phenomena, such as the remarkable material degradation or the effect of secondary
loads on the fatigue life and stress corrosion. Furthermore, they are rule-based methods
and rely on elastic finite element analyses that may produce very conservative results.
Although inelastic analyses may be used to relax the conservatism mentioned above,
they are computationally inefficient and not always practicable. This can be an issue
when a life extension program is going to be undertaken, which requires a much deeper
understanding of all the possible failure mechanisms. For this purpose not only is a
detailed material description necessary, but it is also essential to have a more accurate,
robust and efficient methodology for calculating the structural response under complex
cyclic loading conditions.
In recent decades an alternative approach, which uses a numerical direct method,
has been developed and tested to solve different engineering problems. It has been
capable of generating a sequence of parameters necessary to evaluate the response
of a structure subjected to severe cycling loading conditions. The Linear Matching
Method (LMM) has been developed to calculate, in the most efficient way, the cyclic
plastic response of a structure subjected to a cyclic thermal and mechanical load.
It was demonstrated to be capable of calculating shakedown, ratchetting and plastic
collapse limits, more efficiently than other numerical procedures such as the Direct
Cyclic Analysis (DCA) for a broad range of problem [5–9].

1.2

High temperature structures

High-temperature structures will play a major role for power industry in the short
and long term period. Depending on the operating conditions and the environmental
effects several failure mechanisms are possible. Structures such as pressure vessels,
piping, welds, turbine blades or protective coating are exposed to complex cyclic loading histories during their operating life. The aforementioned complex scenario makes
challenging the assessment of both new and ageing structures. Furthermore, due to
design and manufacturing requirements, these structures have grooves or changes of
thickness and in many cases also the presence of multi-material joints. These characteristics introduce stress concentrations and material mismatch, which pose a serious
danger to the integrity of the components. Due to high temperature and cyclic loading
creep-fatigue cracking is possible and must be assessed. Fatigue cracking is known to
start from the surface of the part, and the damage propagates in a transgranular way.
The creep damage instead initiates in the material, developing in an intergranular way.
When particular loading conditions are considered, the creep and fatigue damage interaction reduces the life of the component remarkably. Examples of structures that
have suffered from creep-fatigue cracking are present in UK’s AGR experience. The
superheater tailpipe welds, shown in Figure 1.1, have experienced this kind of failure
since the late 1980s. The component was designed for a 35-year service life and up to
33 cold shutdowns. The dwell times were estimated between 8000 and 12500 hours,
with a start of creep dwell at 170 MPa. All the observations done in this case study by
[10] confirmed the importance of creep-fatigue interaction on the component integrity.
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The crack has initiated between the parent and heat affected zone (Figure 1.1). In Figure 1.1 it is shown how the creep damage (cracks inner in the component) interacted
with the fatigue crack started from the external surface. Furthermore, fatigue crack
is distinguishable from creep cracking due to the absence of any oxidation layer in the
latter one.

Figure 1.1: Cracking in superheater tailpipe weld type 316H [10].

Another component that demonstrated the importance of creep-fatigue interaction
assessment is the boiler tube plate and the steam boiler header. Due to a particular
loading condition, the ligaments between the holes in the boiler tube plate (Figure
1.2) experienced severe thermal cycling. This phenomenon occurred during start-up
and shutdown with a minor intermediate thermal cyclic during the boiler operation.
Critical creep dwell has been identified, with a start of the creep dwell at 302 MPa at
a maximum temperature of 550◦ C for 16 hours.
Instead, the reheat cracking has been observed in the nozzle weld of the steam boiler
header (Figure 1.2). It has been a very challenging issue for this type of component.
This mechanism is defined as a creep driven cracking, which occurs when welding
residual stresses relax during the creep dwell. However, to make it possible for the
reheat cracking to occur in 316H weld, other effects were also investigated. It has been
identified by Spindler [11] that the multiaxial stress state is capable of reducing the
material creep ductility up to on the order of magnitude. This has a significant impact
on the assessment done, which was based on the uniaxial creep ductility, producing
an overly optimistic result. This last example further explains how it is important to
accurately simulate the stress state of a component, and how this has a substantial
impact on the life assessment prediction.
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Figure 1.2: Critical locations for creep-fatigue interaction of the AGRs Steam Boiler header and
tube plate [11].

These examples highlight the importance of accurately estimating the fatigue and
creep damage occurring in a component subjected to severe thermal and cyclic mechanical loads. To produce an accurate assessment of both the creep and cyclic plastic
response should be quantified. However, depending on the load case their interaction
must be considered by empirical rule based approach provided by design codes or by
performing numerical analyses. This latter approach is convenient to relax the conservatism of design procedures, or to evaluate specific non-linear phenomena. The efforts
done so far to improve creep-fatigue assessment method will be crucial for the successful design and operation of GEN IV nuclear reactors. An example of GEN IV high
temperature reactor is the Sodium Fast Reactor (SFR), which is schematically represented in Figure 1.3. Many components are expected to experience high temperature
cyclic load due to the changes of pressure and temperature during normal operation,
start-up and shut-down. Over all the possible failure mechanisms, two are the most
likely to occur, creep-fatigue damage and high temperature ratchetting. These failure
mechanisms are very complex due to the nature of the load applied, leading to complex
interaction between creep and fatigue.
In this future scenario design code needs to be coupled to efficient and robust
numerical procedure to further validate the accuracy of the assessment. In the last
decade, remarkable efforts have been made to accurately represent the viscous and
plastic behaviour of materials subjected to cyclic load conditions at high temperatures.
In addition to this, numerous research works on accurate creep damage modelling
were conducted [12–15] by implementing the Continuum Damage Mechanics (CDM)
approach in finite element analyses. However, few researchers have concentrated on
the creep-fatigue interaction and damage prediction using all the aforementioned techniques 15. The use of these full inelastic analyses safely reduces the conservatism of
rule based methods. Despite this, they require numerous and precisely calibrated material parameters in order to guarantee accurate results. Moreover, they have a high
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computational cost, especially when 3D finite element models are considered. In order
to assess the stabilised response of a structure, the Direct Cyclic Analysis (DCA) has
recently been implemented within the commercial finite element software, ABAQUS
[16]. This numerical method is capable of obtaining the stabilized cyclic response in
an iterative way by using a combination of Fourier series and time integration of the
non-linear material response. However, it introduces numerical errors and convergence
problems, meaning the DCA is not always a viable solution. In order to fill the gap
between material science and industrial practical problems, direct methods such as the
Linear Matching Method have been adopted.
The Linear Matching Method (LMM) represents an alternative to those full inelastic
analyses. The LMM is a numerical procedure based on direct methods, which allow to
calculate the cyclic response of a structure without the necessity to consider complex
constitutive equations. The key capability of this method is to accurately calculate
the constant and varying residual stress field occurring within the structure due to the
cyclic plasticity or creep behaviours. The LMM has already been shown to provide an
accurate, and less conservative solutions on components operating under cyclic loads
[17–20].

Figure 1.3: Expected location and damage modes in a SFR type GEN IV reactor (source:
Wikipedia).

1.3

Objectives and scopes

The Linear Matching Method has been demonstrated to be a useful tool for structural
assessment of industrial components, in particular for the power industry sector. Fur-
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thermore, several industry partners such as EDF Energy and Siemens UK expressed
their interest in developing the LMM for high-temperature creep assessment. Three
key issues need to be investigated to deliver the largest impact to the UK’s industrial
and academic community.
The first is about improving the numerical procedure for the creep rupture limit
assessment, based on the revised yield stress concept. This method, despite its effectiveness, still does not consider real experimental results. This is a barrier for the use
of LMM for the creep rupture limit calculation. By replacing the over conservative
procedure based on the shakedown reference stress concept currently available in the
R5 a large dissemination of the method is expected. The second issue is about testing and further developing the extended Direct Steady Cyclic Analysis (eDSCA). The
present eDSCA numerical procedure has not been standardised, and still requires many
modifications. Furthermore, it has been used for simple loading cases and only for relatively simple problems. Many questions are still open and need an answer to allow this
procedure to be fully implemented in the LMM plug-in. This is also requested by many
industrial partners such as EDF Energy. The final issue relates to the assessment of
particular failure mechanisms that involves high temperature creep dwell. The impact
of creep is very complex, and it is capable of generating complex stress redistribution
within the component. This issue is crucial for the design of new components, which
are intended to operate at very high temperature. However, it is also necessary for
particular extreme loading conditions that can occur in emergency/accident scenario.
By taking into account these issues, this project has the following objectives:
1. Create a new algorithm to extrapolate and interpolate creep rupture stresses from
real experimental data. This procedure will fully replace the present strategy, and
also convergence issues related to the fluctuating revised yield stress will be sorted
out. Such a method will be capable of providing a more accurate creep rupture
limit than the actual practice in the UK’s R5 procedure. This will improve the
robustness of the assessment delivered, relaxing the conservatism present in the
current design practice.
2. Consider complex case studies, varying the cyclic loading history, testing several
creep and fatigue damage interaction rules and also evaluate multi-materials problems. The accuracy of the method in predicting the stress state and the stress
level will be tested, and improvements will be delivered as well. Several creep
damage criteria will also be considered and implemented within the eDSCA. The
creep ductile exhaustion and stress modified ductile exhaustion methods, which
are currently adopted by EDF Energy, will be applied and tested. A comparison
will be made between the LMM predictions and the real creep-fatigue endurance.
The procedure will be modified to consider multiple creep dwells within the cycle,
with particular attention to intermediate and compressive creep dwell.
3. By adopting the LMM and other numerical procedures, new insights into the understanding of failure mechanisms occurring at high temperature will be delivered.
Also, a better understanding of creep-fatigue interaction and creep-ratchetting
will be presented within this work.
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Outline of the Dissertation

This thesis is composed of 8 chapters, each dealing with a specific topic. Chapter
2 gives an overview of the effect of high temperature and cyclic mechanical load on
structural design. This includes the effect cyclic plasticity and creep on structure’s
behaviour. It also examines the high-temperature design procedure, comparing in first
instance UK’s R5 and ASME NH codes. In the same chapter, the LMM Framework is
introduced showing its capabilities for high-temperature assessment, and a numerical
example is provided. Chapter 3 discusses the new method developed within this PhD
project for creep rupture limit calculation. A robust creep rupture data interpolation
algorithm is formulated and implemented within the LMM. A benchmark study is presented for a 3D plate with an hole subjected to cyclic thermal and constant mechanical
load. A more complex two thin pipes example is introduced for additional verification.
Furthermore, investigations on convergence issues are discussed. Chapter 4 proposes
an in-depth insight into the creep-fatigue crack initiation assessment. The procedure
for creep-fatigue crack initiation evaluation by LMM is discussed. Two cases studies
are introduced within the chapter, a Metal Matrix Composite volume element and a
dissimilar metal weld. Both the structures are subjected to severe cyclic thermal and
mechanical loads. Several theoretical discussions are presented about the impact of
load levels and creep dwell length to the cyclic response of the structure. Chapter 5
details the implementation of the Stress Modified Ductile Exhaustion (SMDE) method
in the LMM. A detailed comparison between SMDE and other creep damage models is
provided. A numerical example is presented to show the accuracy of the method, and
a comparison between the prediction and the experimental results is given. Chapter 6
deals with a novel unexpected structural behaviour, which occurs at high temperature
under particular loading condition. Several numerical tests are presented, and a clear
theoretical and practical explanation is provided. Finally, a summary of all the findings obtained within this project is given in Chapter 7. Furthermore, in this chapter
conclusions and future work are also presented reflecting the undergoing research at
the Structural Integrity and Life Assessment research group (SILA).

Chapter 2

High temperature design and
assessment
2.1

Introduction

The fundamentals of creep and plasticity behaviour are found in many undergraduate
texts books. However, only in more advanced books [21, 22] they are discussed together
in a comprehensive manner. Furthermore, due to the enormous research efforts carried
out to date, it is very difficult to have a clear picture of all of the possible responses of
structures and the associated failure mechanism.
The following literature review provides a deep insight into already established concepts, and forms the basis for all of the work contained within this thesis. Furthermore,
many concepts are re-assessed and deeply analysed giving more accurate definitions.
Significant efforts are made in understanding how the failure mechanisms can be assessed using a rule-based method, or the more refined finite element analyses even with
a limited amount of material data. Two of the most used design codes for creep-fatigue
crack initiation assessment are reviewed. Both the ASME NH and R5 procedures are
described and the main differences pointed out.
The numerical procedures based on continuum damage mechanics or on direct methods are both revised. The main advantages and disadvantages of these methodologies
are presented and discussed. The Linear Matching Method Framework is presented
and carefully reviewed showing its effectiveness in addressing several structural integrity problems. The overall aim of this chapter is to provide the most comprehensive
review of the concepts for high-temperature design assessment of structures.

2.2
2.2.1

Creep on structures under monotonic load
Creep mechanism

Creep is a mechanism that affects materials subjected to a certain load at high temperature. It starts affecting materials when the temperature is in a range between 0.3
and 0.5 time the melting temperature. It is a time, stress and temperature-dependent
mechanism, which can be represented by a strain-time curve. This curve is usually divided into three subsequent stages, and generic creep curves are described in Figure 2.1.
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The three curves are obtained for an increasing mechanical load at the same constant
temperature.

Figure 2.1: Generic tensile creep test curves at increasing load levels.

From the continuous black curve, the three stages are visible, primary (1), secondary
(2) and tertiary (3). During the primary phase, a hardening mechanism occurs, and the
initial creep strain rate slowly reduces. Following this the secondary stage starts, which
is the longest stage during which the creep strain rate is constant. During this period
the material starts to develop intergranular damage, and the effective cross section area
reduces. This mechanism leads to the tertiary phase which ends with the component
rupture. During this phase, a progressive increase of the strain is shown in Figure 2.1.
However, for the others curves, this categorization is less evident. This is due to the
high level of stress applied to those load cases. For such a high level of stress, the
tertiary phase will occur in a very short period (dashed green curve). The effect of
these three stages on the creep strain rate is also shown in Figure 2.2. The creep strain
rate at the beginning exhibits a reduction up to the steady state value, this is due to the
hardening phenomenon. The secondary phase will continue until the damage caused
by creep will not be significant. This depends on the material and loading conditions
applied. When the tertiary phases start an exponential increase of the creep strain rate
is observed.
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Figure 2.2: Generic tensile creep strain rate curve at constant tensile load levels.

Another important mechanism, which occurs when a structure is subjected to a
secondary load and the creep strain accumulates, is the so-called relaxation. Stress relaxation is a crucial mechanism that affects high-temperature structures in a different
way. However, if the stress distribution is not uniform in the component, like a notched
bar, the initial stress distribution will change as well. The regions with a high level
of stress will exhibit stress reduction (relaxation) and the regions with low stress will
exhibit an increase of stress. This mechanism is not only caused by creep, but it can
also be triggered by plasticity and is known as stress redistribution. This process in
real practical cases occurs simultaneously and needs to be carefully assessed. The creep
strain accumulation is the engineering effect of an internal material change. Three phenomena are the cause of creep strain and are affected by the load level and temperature.
These mechanisms are the dislocation glide or slip, the grain boundary sliding and the
diffusion of atoms and vacancies. A way to represent all of these possible mechanisms is
by using a creep deformation mechanism map. An example of deformation mechanism
map for a generic material is reported in Figure 2.3. The stress normalised to the yield
and the homologous temperature Tm are reported on the vertical and horizontal axes
respectively. For stress above the yield, dislocation glide is expected, and the rupture
will be ductile. Dislocation creep mechanism occurs for a wide range of temperature
and mechanical load, and it is one of the most relevant for practical applications. The
grain boundaries subjected to the normal tensile stress will draw atoms. Contrary to
this, the boundaries subjected to the compressive stress will release atoms. This region can be divided into two distinct sub-regions, the pipe diffusion (left to UV) and
the lattice diffusion (right UV). Furthermore, depending on the temperature the aforementioned regions can be subdivided into two parts (from line XY). The two regions
above XY line exhibit rigid grain boundaries, conversely below the XY line sliding grain
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boundaries are observed. If the temperature is extremely high, and the stress very low,
a particular type of creep mechanism occurs, this is called Nabarro-Herring creep. In
this case, the diffusion occurring across the crystal matrix will be dominant.

Figure 2.3: Generic creep deformation mechanism map.

2.2.2

Primary and secondary creep

In order to describe the primary and secondary creep stage, two assumptions must be
made. The first is about the strain separation; the total strain can be separated into
elastic, plastic and creep strain. The second is that the creep strain is a function of
three separable functions, which are stress, time and temperature. The creep strain
then has the form of:
εc = f1 (σ) f2 (T ) f3 (t)

(2.1)

If only the secondary creep is relevant the function of time is neglected and several
formulations have been proposed such as the Norton:
f1 (σ) = Aσ̄ n

(2.2)

If the time dependence cannot be neglected several functions have been proposed, and
one of the most known is the Bailey:
f3 (t) = Btm

(2.3)
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Combining equation 1 and 2 the Norton-Bailey law is obtained εc = B σ̄ n tm . This simple
mathematical representation of the creep behaviour is capable of representing both the
primary and secondary stage. In Figure 2.4 the experimental data is interpolated with
the Norton-Bailey law, and good agreement is obtained. However, it is clear that this
mathematical relationship does not represent the tertiary phase, where a large increase
of the creep strain rate is present. When the temperature effect needs to be considered
the Arrhenius law can be used to model such a dependency.

Figure 2.4: Experimental data, interpolated by the Norton-Bailey law.

For several materials, the Norton law is capable of modelling the steady state creep
strain rate for precise load levels, as it is shown if Figure 2.5a. In this plot, the steadystate creep strain rate is reported against the applied stress, and a linear relationship
at a different temperature is obtained. However, when considering other materials
for a larger range of stress levels this is not true and creep strain rate is strongly
affected by the stress level. This is shown in Figure 2.5b where steady creep rate of
0.5Cr0.5Mo0.25V is reported. In this case for low-stress n is equal to the unity, for the
intermediate stress, it is equal to 4 and for the high stress, it reaches a value of 12 [23].
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Figure 2.5: a) Creep strain rate against stress for 316L(N) at different temperatures, b) Creep
strain rate against stress for 0.5Cr0.5Mo0.25V. [14]

This demonstrates the inaccuracy of Norton Bailey equation to model such a change
of the creep strain rate. Several attempts have been done to characterise this phenomenon with a single continuous equation. Two recent developments have been put
forward by [24] who proposed the Modified Power Law formulation and by [25] who
proposed the Characteristic Strain Model. The main assumption made by Naumenko
and his colleagues concerns the definition of creep strain rate. They assumed that the
creep strain rate could be represented by the sum of a linear and power contribution,
using the following formulation:
 n
ε̇min
σ
σ
=
+
(2.4)
ε̇0
σ0
σ0
where ε̇0 , σ0 and n are material constants. The stress σ0 is necessary to specify the
stress level required to allow the change of behaviour, from linear viscous to power law.
These parameters can be identified easily from the plots shown in Figure 2.5b. When
the component is subjected to a low stress the response of the equation is linear, as
expected from experimental results. When the stress is further increased the transition
from linear to viscous response initiates. If the stress reaches high levels, the power law
breakdown regime occurs. One of the most significant benefits of this formulation over
others, such as the hyperbolic sine, is to be able to also catch the linear behaviour at
low stress. This latter one is relevant for industrial application, where creep occurs at
low stress and for long periods.
The Characteristic Strain Method introduced by Bolton is even more versatile than
Naumenko’s one. It only requires the minimum creep strain rate data, two creep rupture
strengths obtained from creep rupture data and a single complete creep test performed
at a characteristic stress. It is worth noting that it is capable of modelling all three
creep stages. This result is remarkable because it requires less material data than other
complex constitutive models. Boltons main assumption is to consider the slope of the
creep strain rate stress dependent. This stress dependency is introduced by considering

CHAPTER 2

HIGH TEMPERATURE DESIGN AND ASSESSMENT

14

the ratio between the applied stress and the rupture stress as follows:
d (log (εc ))
1
=
d (log (σ))
1 − σσr

(2.5)

where εc is the total creep strain, σ is the applied stress and σr is the rupture stress
at the appropriate time. When the stress is very small the stress exponent tends to the
unit, conversely when it approaches to the rupture stress the n diverges to infinity. By
integrating equation (2.5) the creep strain is then obtained as a function of the stress:
εmin =

εch
−1

σr
σ

(2.6)

where εch is a material constant and can be estimated by using a single creep rupture
strength and a creep tensile test adopting the following equation:


σr1
εch = εd
−1
(2.7)
σd
where σr1 is the rupture stress at time t1 , and σd is the stress that produces a creep
strain εd within t1 . The last parameter that needs to be calculated is the rupture stress
σr in equation (2.5), which can be calculated as:
1
σr = σr1 tt1 m
log(t2 /t1 )
m = log(σ
r1 /σr2 )

(2.8)

where σr2 is another rupture stress associated to the rupture time t2 . The entire
procedure requires a total of six parameters to be derived from two creep rupture tests
and a single creep tensile test.

2.2.3

Tertiary creep: creep rupture

Creep rupture is the third and final stage of the creep deformation process shown in
Figure 2.1, which occurs when a material is subjected to a mechanical load, at high
temperature. Creep damage growth and propagation across the material is related to
the growth and coalescence of voids in the microstructure of the material. This is a
general description that is behind a very complex process, which can be expressed as the
results of three different behaviours. The first one regards the cross section reduction
due to the material deformation. Such a reduction of area is mandatory to respect
the volume constancy. The second regards the material behaviour at high temperature
that can exhibit particular phenomena like recrystallization and the development of
precipitates. The third one is the development of the defects. The introduction of
these defects causes a local increase in the stress and the local intergranular cracking.
Assessing creep rupture is the first step in the assessment of a structure operating
at high temperature. Due to the increasing demand of rupture data for long-term
assessment (100000 hours), typical for power generation industry, many efforts have
been done to extrapolate rupture data from laboratory test. To do this, a series of
different temperature dependent parameters were developed. When the data available
covers times and temperatures adequately a master curve can be obtained. Once this
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procedure is completed the rupture time for any stress at the appropriate temperature
can be calculated, also estimating the residual life. Three of the most used temperature
dependent parameters are Larson-Miller [26], Manson-Haferd [27] and Orr-Sherby-Dorn
[28]. Larson-Miller parameter is one of the first methods used to determine the creep
master curves, compensating time with temperature to predict long term creep data.
PLM = (T + 273.15) · (log (tf ) + Clm )

(2.9)

It relies on the assumption that a coincident point exists for all iso-stress plots.
Such a coincident point corresponds to the Clm material parameter which can vary
between 20-22. Authors [29] suggested that the wide use of this parameter, which
is designed for low-temperature creep may lead to inaccurate predictions, especially
for cases where the material is subjected to high temperature and low stresses. The
Manson Haferd parameter is based on the assumption that a coincident point must
exist when plotting the logarithm of the rupture time against the temperature. This
point defines two parameters, which are related to the material Ta and ta . The Manson
Haferd parameter is calculated using the following equation:
PM H =

log tr − log ta
T − Ta

(2.10)

This parameter is normally accepted and widely adopted, and it is capable of producing better predictions at high temperature with low-stress level, but this capability
is related more to its mathematical approach than its physical background. Conversely,
the Orr-Sherby-Dorn parameter combines both the physical behaviour and the mechanical and thermal behaviour for a wide range of temperatures. The plot of the logarithmic
rupture times against the inverse of the temperature results in a series of parallel lines
at different stresses. The slope of each line represents a constant value which includes
the activation energy Q for the damaging process and the universal gas constant R.
The Ordd-Sherby-Dorn parameter can be defined by the following equation:
POSD = log tr −

Q
RT

(2.11)

This parameter is more efficient in predicting the rupture stresses and is capable
of covering a wider range of temperatures than the previous parameters. Based on
the aforementioned parameters the rupture life can be estimated by calculating the
stress within the structure. Design codes adopt approximated procedure to calculate
the stress required to enter the parameter-based rupture time curves. The UK’s R5
R . This calculation is
is based on the calculation of the reference rupture stress σref
performed only when the loading condition produces significant creep behaviour in
the structure. Depending on the material creep ductility, different reference stresses
formulation can be adopted, for creep ductile materials the following is considered:
R
σref
= {1 + 0.13 [χ − 1]} σref

(2.12)

where σref is the reference stress, and it is calculated using different formulation
depending on load condition. For an isothermal and homogeneous structure it is equal
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Pσ

to σref = P y , where P is the primary load, σy is the yield stress of the material and PU
U
is the plastic collapse load. χ is the stress concentration factor, and it is used to adjust
the reference stress for local strain concentration. For an isothermal and homogeneous
structure, it is obtained as the ratio between the maximum elastic equivalent stress
and the maximum reference stress calculated. This approach is acceptable if this ratio
is lower than 4. Conversely, if the stress raiser is sharp enough to be considered as a
crack-like defect a different assessment procedure is required. If the material is creep
brittle or the creep stress exponent n is higher than 7 the following formulation can be
adopted:

R
σref


=


1
1 + [χ − 1] σref
n

(2.13)

Another way to model the creep rupture comes from the increasing computational
efficiency and the better understanding of creep mechanics. Several damaging models
have been proposed and validated. Two of the most used are the Kachanov-Rabotnov
model [30, 31] (RK) and the Liu Murakami [32] (LM), which introduce a scalar damage
parameter.
Consider a continuum body with an associated volume V and surface S representing
an undamaged notched bar, which is subjected to an axial mechanical load at high
temperature. A creep damage parameter is considered to regulate the stress and strain
relationship. At the start of the creep dwell, no damage is present within the volume,
or it is too small to affect the stress-strain response. However, when sufficient time has
passed the damage will initiate and grows as shown in Figure 2.6 at 250 hours. At this
point, a failure front can be identified in a red semicircular shape (or doughnut-shaped
for the full model). The increase of the damage rate depends on the material properties
and load conditions. A progressive smaller volume V of the body will be capable of
bearing the applied load. At around 750 hours the failure front is unified, and the
damage affects the central part of the notched bar. The loading bearing capability of
the structure is related to its capability of redistributing the stresses when a region
has failed. When the undamaged volume reaches a limit beyond which it cannot bear
the applied load, the rupture will occur. In the proposed example this occurs at 1066
hours, and the damage front is localised in the centre of the bar.
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Figure 2.6: Damage evolution for a notched bar subjected to a monotonic load. The contour of
the damage accumulated is shown at 250, 750 and 1066 hours.

This process can be described by an accurate mathematical representation of the
creep strain rate and damage rate. For a uniaxial creep problem the creep strain rate
and the damage rate has been defined as follow:

  
S
σ̄
ε̇cij = 32 A 1−ω
tm σ̄ij
(2.14)
χ
ω̇ = B σr φ
(1−ω)

where σ̄ is the von Mises stress, Sij is the deviatoric stress component and σr
is the rupture stress and t is the time. All the others multipliers or exponents are
material parameters, which require being calculated by tensile creep tests. However,
this constitutive damage model is not complete because it requires the definition of
the rupture stress for the damage rate calculation. The rupture stress is calculated
considering the effect of both principal stress and equivalent stress, using the following
formulation:
σr = ασ1 + (1 − α) σ̄

(2.15)

α is the multiaxial parameter, and it describes the effect of principal and von Mises
stress on the failure mechanism. To obtain such a creep parameter, a tensile test needs
to be done on a notched bar specimen. When the rupture life is known at different
applied stresses, FE-analyses are performed varying α and an optimum value is identified. However, this procedure is tedious and requires many experimental and numerical
tests. Furthermore, it has been demonstrated that the rupture life is significantly affected by the predicted parameters [33]. Despite its simplicity, the Kachanov creep
damage model has a clear weakness in its mathematical formulation. When the damage parameter approaches to the unity, the creep strain rate and damage rate tend
to diverge to infinite. This problem has been resolved by the model presented by

CHAPTER 2

HIGH TEMPERATURE DESIGN AND ASSESSMENT

18

Liu-Murakami and then successfully applied to several engineering problems [34]. The
mathematical representation of this model is shown:
!
"
#

3
2(n+1)
σ1
q
2
ε̇cij = 32 Aσ̄ n−1 Sij tm exp
σ̄ ω
3
π 1+ n
(2.16)
2 )) χ
σr exp (ωq2 )
ω̇ = B (1−exp(−q
q2

This model follows the same principle of the one proposed by Kachanov, but the
damage does not cause any numerical problem when it approaches unity. Furthermore,
the various material parameters required can be obtained by the same creep test of
uniaxial and notched specimens. A comparison is shown in Figure 2.7, where the
creep damage against the time is reported for both the damage models. Both models
produce similar rupture times, however the LM approaches the failure with a more
realistic trend. Furthermore, the damaged area is not localised and it is homogeneously
distributed. Conversely, RK shows an unrealistic diverging trend and the damage
contour is more localised than in LM. The RK formulation is not capable of reaching
the desired critical damage (0.99) and for this case the analysis has been aborted when
it is 0.79. This phenomenon becomes even more severe if the mesh is refined due to the
presence cracks [35].

Figure 2.7: Damage evolution of a notched bar subjected to a monotonic load, for the LiuMurakami and Robotonov-Kachanov creep damage model. Damage contours for both models are
reported at the rupture.

Several local creep damage models have been developed, with even more damage
parameters. However these stress based damage models have two major drawbacks,
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the first one regards their applicability. The material parameters need to be calibrated
using precise testing conditions, such as load level and temperature. In some cases such
as the Dyson model, this procedure can be very complex [12, 15]. This makes it very
challenging to apply these models for standard design procedure, where versatility and
flexibility are preferred. The second drawback is the computational cost, which needs to
be considered especially when a complex structure is analysed. These models require
many increments to get the convergence, and the time step can reduce significantly
when the damage propagates. In some cases, even 30000 increments are required to
cover an entire dwell time of just 1200 hours, for a simple geometry. For these reasons
such a strategy is adopted only when a particularly refined damage model is required.

2.3

Cyclic response of structures

2.3.1

Shakedown, ratchet and limit load

When a structure is subjected to a cyclic load, four cyclic responses are possible. In the
last 30 years, several efforts have been made to predict these behaviours. One of the
most famous works was carried out by [36]. In his work Bree identified that a component
subjected to cyclic temperature and constant mechanical load could exhibit elastic
shakedown, plastic shakedown or ratchetting. To represent the interaction between the
cyclic and constant load, he proposed an interaction diagram as shown in Figure 2.8.

Figure 2.8: Classical Bree’s like diagram for a cylinder subjected to cyclic thermal load and
constant mechanical load.

Within the diagram (Figure 2.8) the thermal stress and the constant mechanical
load are normalised for the yield stress and limit load respectively and are reported on
the vertical and horizontal axes. If the combined loads applied are small enough the
entire component will remain elastic during the operating life. However, if the load is
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increased the component can exhibit elastic shakedown. At the early stage of its life,
the component accumulates plastic strain. However, when the steady state is reached
the response returns to be elastic and no more plastic strain is accumulated. Parts are
designed in many cases to operate in this region because their operating life is very high
(over than 10000 cycles). If the cyclic thermal load is increased, which is crucial for the
power industry that is seeking to operate at high temperatures to improve the efficiency,
the component may exhibit plastic shakedown. In this region the cyclic response is
characterized by the typical closed hysteresis loop shown in Figure 2.8. In this region
the component exhibits plasticity during both the loading and unloading phases, and
its life is affected by Low Cycle Fatigue (LCF). The most important task for engineers
is about assessing in the most accurate way the total strain range. This parameter is
fundamental to assess the fatigue damage per cycle, and then the component life.
In order to evaluate the fatigue damage within each load cycle the low cycle fatigue
life curves should be used. However, these curves are not always available, especially
at high temperatures. For this reason several robust and efficient methods have been
created by [37–40] and recently modified even further [41, 42]. These approaches are
based on the assumption to separate the elastic and plastic contribution to the fatigue
life. Using the following relationship for the elastic ∆εe and plastic strain range ∆εp
are given:
∆εe Nfα1 = C1

(2.17)

∆εp Nfα2 = C2

(2.18)

where α1 , α2 , C1 and C2 are material parameters related to the fatigue ductility. By
combining equations (2.17) and (2.18) the Coffin-Manson relationship is derived, which
relates the total strain range ∆εt with the number of cycles to fail Nf .
0

σf
∆εt
0
=
· (2Nf )b + εf · (2Nf )c
2
E

(2.19)

The right hand part of equation (2.19) represents the elastic strain range and the plastic
0
strain range. The coefficient σf is related to the material fatigue strength, instead
0
εf represents the material fatigue ductility strength. Manson and others researchers
developed and modified equation (2.19) obtaining the Universal Slope Method (USM)
[40, 43] assuming that the coefficients b and c are material independent. Furthermore,
0
0
empirical equations for σf and εf were developed by Manson in his work where the
total strain range was defined as follows:
∆εt =

3.5Su b
Nf + D−c Nfc
E

(2.20)

where Su is the ultimate strength of the material, D is the ductility failure strain due to
the section area reduction both of which are given by a tensile test. The two exponents
b and c do not depend on the material considered. Despite its theoretical simplicity the
main downsize is the necessity to define the reduction area to estimate the ductility.
However, this material data is not always available. In order to avoid the use of the
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reduction of area the Modified Universal Slopes Method (MUSM) has been developed.
The USM is enhanced by replacing the cyclic strength and ductility with an equation
based on the tensile ductility and strength:
0

σf
∆εt
0
=
· (2Nf )b + εf · (2Nf )c
2
E

(2.21)

The fatigue strength coefficients and the fatigue ductility are calculated using the following equations:
0


Su 0.832
E
−0.53
εf 0.155 · SEu

σf = E · 0.623 ·
0

εf = 0.0196 ·

(2.22)

The exponents instead are assumed constant b = -0.09 and c = -0.56. The ultimate
strength is selected for the appropriate temperature and hold time if creep is present.
An example of its effectiveness and the reliability is given in Figure 2.9. A benchmarking on low cycle fatigue behaviour of Al2024 T3 at high temperature [44] is shown. A
comparison between the MUSM, the experimental data and other approximated methods recently reviewed by [45], the Median Method (MM) and the Modified Mitchell’s
Method (MMM), are presented in Figure 2.9.

Figure 2.9: Experimental low cycle fatigue life (solid circles) of Al2024T3 at 200◦ C and approximated low cycle fatigue curves.

These approximated methods demonstrate an ability to produce accurate results,
especially at high levels of strain. Conversely, at low levels of strain, in all the methods
adopted the final result is always conservative. For this particular case, the MUSM
approach is always the most accurate and least conservative. These approximated laws
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are useful for the early design stage when the fatigue life of the material at certain
conditions may be unknown.
If the mechanical load is further increased ratchetting mechanism can occur in the
component, and incremental collapse might affect the life of the component (Figure 2.8).
This mechanism is considered very dangerous for industrial components, and must be
avoided. When a component fails due to ratchetting the failure mechanism is different
from the failure for plastic shakedown. Ratchetting failure affects the component globally, and it is accompanied by a larger reduction of the section area. Conversely, when
low cycle fatigue affects the part a local failure, in the form of a crack, initiates in a very
small location. If the mechanical load is increased even further the structure may fail
immediately after the application of the load, and in this case, the limit load has been
reached, and the collapse is instantaneous. Usually, this type of failure is related to bad
design and assessment of the component. Due to its importance, it is the first failure
mechanism assessed in any international design code present today. Several procedures
are developed to ensure no plastic collapse and will be discussed in a more detailed way
later. These include analytical solution based on elastic analyses, detailed non linear
finite element analyses or refined finite element analyses based on direct methods.

2.4
2.4.1

Creep on structures under cyclic load
Creep-fatigue interaction

Creep and fatigue are complex mechanisms that involve different types of damaging
processes. Creep produces intergranular cavitation damage, while fatigue propagates
cracks through transgranular paths, with surface striations and wide surface cracks.
Relevant works on mapping this interaction was done by Hales [46] and recently reviewed by Yan [47] for 316 stainless steel. Hales used the direct metallographic observation to explain the cyclic creep experimental results. A direct correlation is established
between the hold time and the magnitude of the cavitation processes, which increases in
magnitude for a longer dwell time. Furthermore, the creep damage process is strongly
affected by the position of the hold time within the loading cycle. The most critical condition occurs when the creep dwell starts at the peak of the tensile stress, introducing
signs of intergranular damage even for short periods. In components operating at hightemperature creep and fatigue are competing mechanisms, depending on strain range
[48] and dwell time. Hales [46] identified four cases of interaction, further extended by
Plumbridge [49]. The first case involves Pure Fatigue behaviour where surface cracking
is dominant. The second case is Transgranular Competing, which has a transgranular
crack propagating during the tensile hold time, and cavitation damage begins to occur.
The third case is Mixed Interaction, where the transgranular cracking becomes intergranular. The last case is a Pure Creep process, where the hold time is long enough to
allow the loading cycle to be considered as a monotonic load case. Other parameters
like the total strain range were found to be important in this competitive mechanism.
For large strain ranges, fatigue is dominant, while creep is more damaging for small
strain ranges.
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Figure 2.10: Different material responses due to cyclic loading with creep dwell period at the
tensile peak a) elastic response, b) elastic shakedown, c) creep enhanced reversed plasticity and
d) creep enhanced plastic shakedown

Figure 2.10 shows a schematic representation of the possible mechanisms, which
can occur when considering a creep dwell that starts at the peak of the tensile stress.
When the load level is below the elastic limit, no plastic behaviour takes place at
the first cycle (Figure 2.10a). The subsequent creep dwell causes a progressive stress
relaxation, without any plastic strain during the unloading and loading phases. When
the load level is greater than the elastic limit but significantly below the shakedown
limit, plastic behaviour occurs in the first cycle (Figure 2.10b). If the progressive stress
relaxation during the subsequent creep dwell is not significant, again there is no plastic
strain during the subsequent cycles. The resulting steady state cyclic response is similar
to shakedown, and the accumulated creep damage is identical to the monotonic load
case. Figure 2.10c shows the response of the structure when creep enhanced plasticity
occurs during unloading due to the higher load level. In this case, a steady-state
closed loop response appears, and the creep strain range is compensated by the reverse
plasticity. If the applied load level continues to increase, the hysteresis loop response
shows plasticity during both the loading and unloading phases, causing more severe
fatigue damage which interacts with the creep damage (Figure 2.10d). In both Figure
2.10c and Figure 2.10d, the accumulated creep damage is larger than obtained by a
monotonic load, due to the higher stress level which cyclically occurs during the creep
dwell. For this reason, this response is known as Cyclically Enhanced Creep. In some
particular conditions, an open hysteresis loop response is possible. This mechanism is
known as Creep ratchetting and this will be discussed in the next subsection.
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Creep-ratchetting mechanism at high temperature

Ratchetting is a cyclic phenomenon, which results in the progressive accumulation of
plastic strain. This process can be driven by high mechanical or thermal load level.
Thermal ratchetting can occur with very small primary load due to the flow of hightemperature fluids, which causes a severe cycling thermal gradient. This behaviour
leads to an accumulation of plastic strain [50, 51]. From Bree [36] it is known that
if the structure operates in a region of strict or global shakedown, no inelastic strain
accumulation occurs. This statement as discussed in the previous subsection becomes
imprecise if creep occurs [52]. Although creep dwell can introduce a closed hysteresis
loop response (Figure 2.10c-d) for cyclic loading conditions within the shakedown limit.
The closure of the hysteresis loop is due to the compensation of all the inelastic strains
within the entire cycle. However, the non-closed hysteresis loop would still be possible,
when an inelastic strain accumulation occurs due to the dominant creep or reversed
plastic strains [53]. For example, a large dwell time could produce a creep strain greater
than the limited plastic strain, leading to an inelastic strain accumulation dominated
by creep. In other loading conditions a large stress relaxation, which results in a low
level of overall creep stress, leads to insignificant creep strain but large plastic strain
during the unloading phase. This could produce an open hysteresis loop dominated by
the reversed plastic strain. Hence creep ratchetting is instead a much more complex
mechanism, and it is dependent on the dwell time, the type of load applied and load
levels. To better understand the Creep Ratchetting mechanism, a diagram showing
creep ratchetting interaction boundary is given in Figure 2.11.

Figure 2.11: a) Creep ratchetting interaction boundary and steady state response for creep
ratchetting b) creep stain and c) plastic strain dominated.

The straight 45-degree line shown indicates the closed hysteresis loop limit. If the
loading conditions are within the shakedown limit and no primary load is applied, for

CHAPTER 2

HIGH TEMPERATURE DESIGN AND ASSESSMENT

25

any dwell time an identical magnitude of creep strain and net plastic strain is obtained
and the closed loop response is possible. In this case, the plastic strain at loading and
the creep strain are totally recovered by the reversed plasticity. Instead, if a primary
load is applied depending on its level different behaviours are possible. If the ratio
between creep and net plastic strain is above the closed loop limit a creep ratchetting
mechanism dominated by creep strain occurs (Figure 2.11a), and the entire cycle shifts
rightward. Otherwise, when the ratio is below the closed loop line a creep ratchetting
mechanism dominated by plastic strain occurs (Figure 2.11b), and the steady-state
cycle moves leftward due to the large reverse plasticity. In both cases, the creep ratchetting mechanism is driven by the creep dwell period, and the creep ratchet life of the
component must be assessed as well as the creep fatigue life. In all design and assessment codes, ratchetting must be avoided [3, 4], and the Creep Ratchetting Failure
(CRF) could be dealt in the same way. It is suggested by [54], that Ratchetting Failure
(RF) and Low Cycle Fatigue (LCF) are distinct competitive mechanisms, which can
be assessed separately. If the hysteresis loop is closed, then there is no inelastic strain
accumulation and the fatigue failure mechanisms can be predicted using the MansonCoffin relationship [54]. However, if the failure occurs due to necking (RF or CRF) the
ductility exhaustion approach is used to calculate the number of cycles to failure Nr :
Nr =

εf
∆εr

(2.23)

where εf is the tensile ductility of the material, and ∆εr is the accumulation of
inelastic strain per cycle. Recent development in non-linear material modelling allows
for more detailed consideration [55]. It is shown that the ratchetting mechanism can
affect the LCF life, only when the loading level is near the static limit load of the
structure. The intensified plastic strain accumulation due to ratchetting affects the
crack initiation and propagation, especially where stress concentration is present. It
is reasonable to assume that creep-ratchetting can be assessed independently from the
creep-fatigue process in the most cases.

2.4.3

Creep-fatigue total damage calculation

In order to estimate the total damage caused by creep and fatigue interaction, a damage
diagram must be defined. Different relationships between fatigue and creep can be
established, and the most commonly used is the bi-linear relationship adopted by ASME
NH [3];
φf + φc ≤ D

(2.24)

where φf and φc are the accumulated fatigue and creep damage, and D is an
allowable creep-fatigue damage factor which depends on the material. If the total
damage D is equal to unity, the linear diagram is obtained, as shown in Figure 2.12,
where the creep-fatigue damage diagrams and experimental data for type 304SS at
different total strain ranges are presented as an example [56].
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Figure 2.12: Type 304SS (595◦ C) damage diagram for bi-linear, linear and combined damage
rules.

The bi-linear locus shows a focal point where the creep and fatigue damage is equal
to 0.3, which is a material constant. Another way to model this interaction is given
by Skelton [57], who introduced a coupled model for creep-fatigue damage interaction
shown in Figure 2.12. It is based on the assumption that a creep fatigue interaction
exists and the total damage is not equal to unity. When the total damage to failure is
lower than unity, the failure locus has a concave shape with an upward facing curve.
The failure locus is described by the following relationship:
φf
φc
+
=1
1 − φc 1 − φf

(2.25)

The focal point on the diagram is 0.33, close to the one predicted by the bi-linear
method. This relationship can be easily modified if a damage de-coupling is necessary,
introducing two interaction coefficients If c and Icf attenuating effect of fatigue on creep
and vice versa. Equation (2.25) is then modified in the following way:
φf
φc
+
=1
1 − Icf φc 1 − If c φf

(2.26)

By the adoption of such a formulation and by accurately calculating the interaction
coefficients, it is possible to model the different interaction mechanisms.
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Key Parameters for the Creep-Fatigue Assessment

When creep and fatigue affect a structure, a series of parameters need to be calculated
to perform the crack initiation assessment. These parameters are defined in Figure
2.13, where a typical steady state cycle with a tensile peak creep dwell is shown.

Figure 2.13: Saturated Steady State Cycle with creep dwell at tensile peak.

The three most important parameters are highlighted in blue, which are the stress
at the start of the dwell σ1 , the elastic follow up factor Z and the total strain range
∆εtot . The Z factor expresses the ratio between the equivalent creep strain increment
and the associated elastic strain decrease. When the load applied is primary, Z is very
big and can tend to infinity conversely if the load is classified as secondary it corresponds to the unity. However, in real structures it assumes intermediate values. Other
parameters can be used to accurately define the hysteresis loop such as the creep stress
drop ∆σcr , the associated creep strain ∆εcr and the plastic strain ∆εp accumulated
within the cycle. The only way to obtain these parameters and assess the steady state
cycle is by adopting inelastic step-by-step finite element analyses, or by using a more
convenient direct methods such as the Linear Matching Method. Inelastic incremental
finite element analyses can identify the structural response due to creep and fatigue interaction. However, these are computationally inefficient especially when 3D elements
are used, and convergence issues can occur. Conversely, direct methods such as the
LMM have been demonstrated to be capable of providing alternative solutions to engineering problems, providing all the required parameters for crack initiation analysis,
and can easily be adapted to any design code. The design codes such as R5 or ASME,
are widely adopted and capable of calculating the aforementioned key parameters by
adopting a series of design rules and procedures. In the majority of cases, these procedures rely on linear elastic analysis. However, in certain cases when conservatisms
need to be relaxed, then an inelastic material response can be implemented. Despite
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this, there is no real interaction between creep and fatigue, which are evaluated separately. Their interaction relies mostly on safety factors, which enhance the calculated
parameter. These design rules provide a conservative but safe assessment for a large
class of components used by industry.

2.5.1

International design codes; R5 and ASME NH

The most crucial aspect of any creep-fatigue assessment procedure is to identify the
structural response due to a cyclic load. This means constructing an accurate hysteresis
loop, in order to evaluate the creep and fatigue damage. All assessment codes consider
an open loop response unacceptable and for this reason, only the closed loop response
will be considered (Figures 2.10c-d), and creep ratchetting is neglected. Both ASME
NH and R5 procedures rely on simplified methods to address the stress calculation,
and make extensive use of stress categorization. Different types of analyses can be
utilised, for the pessimistic elastic analyses to the more sophisticated and less conservative inelastic analyses. As shown in Figure 2.13 a series of parameters are crucial
for the accurate assessment of crack initiation with creep-fatigue interaction. The first
parameter is the stress at the start of the creep dwell, which is estimated by both codes
in different ways. ASME NH calculates this stress by adopting a revised effective creep
stress, which is equal to 1.25 times the effective creep stress. The effective creep stress is
obtained by multiplying the yield stress of the material at creep temperature by a stress
factor Z N H , which is not the elastic follow up factor. The value of Z N H depends on the
level of primary and secondary stress for the cyclic loading condition considered, which
is adequately described by NH-T-1332 [3]. R5 instead has two options to calculate the
start of the dwell stress; the first adopts the shakedown reference stress. Otherwise, a
second alternative can be considered if the peak stress is not included in the shakedown
reference stress. A revised steady-state equivalent stress at the start of the creep dwell
is obtained by subtracting the shakedown stress limit from the maximum equivalent
elastic stress range. Once the start of the dwell stress is calculated the second parameter, the creep strain, is assessed by both the codes with different procedures. ASME NH
calculates the creep strain by using the isochronous stress-strain curve at the revised
effective creep stress for the holding temperature and time. Whereas, in R5, the creep
strain range ∆ε̄c is obtained using the following relationship:

∆ε̄c = −

Z
∆σ̄
Ē

(2.27)

where Ē is the effective Young’s modulus, Z is the elastic follow-up factor and ∆σ̄
is the equivalent stress drop during the dwell period. The inaccurate calculation of
the stress reduction and Z factor may introduce an overly conservative creep strain.
The concept of the elastic follow up factor was introduced in R5 to avoid fully inelastic
time-dependent analyses. There are three options available to calculate it, and the
most accurate are the one which uses an elastic-creep inelastic analysis. In such a
type of analysis, no plastic behaviour is considered, and a monotonic load is applied
rather than a cyclic one. This procedure does not take into account cyclic plasticity, to
reduce the computational effort. The last parameter which needs to be calculated to
start the crack initiation assessment is the total strain range ∆εtot . Both assessment
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procedures adopt the Neuber correction in order to calculate the plastic strain from the
elastic solution, but R5 differs by also using the Ramberg-Osgood material model for
the cyclic material response. Furthermore, both procedures consider different modifiers
to account for the local geometric concentration factor and multiaxial plasticity. In the
ASME NH, the total strain range is defined as:
H
∆εN
tot = Kν · ∆ε mod + K · ∆εc

(2.28)

where K is the local concentration factor, Kν is the multiaxial plasticity and Poisson ratio adjustment, ∆ε mod is the modified maximum strain range and ∆εc is the
creep strain range [56]. The modified maximum strain range can be calculated using
three options, with an increasing amount of conservatism. All three methods use the
maximum equivalent elastic strain range as starting point. Different factors are considered to enhance the elastic strain range due to non-linear effects. The R5 has a similar
procedure and calculates the total equivalent strain range as follows:
∆εR5
tot = ∆εel,r + ∆εp + ∆εvol

(2.29)

where the first term is the revised equivalent elastic strain range, which is obtained
by dividing the sum of maximum equivalent elastic stress and stress drop due to creep
by the effective Young’s modulus. The second term represents an enhancement of the
elastic strain range due to plasticity. The last term is a correction to the change of
constant volume during plastic deformation and creep (Appendix A7) [4]. Once these
parameters are determined the fatigue and creep damage can be calculated and the total
damage is determined by using the appropriate interaction rule. Both codes produce
similar results regarding fatigue damage, but differences can occur if the creep strain
is dominant [58]. Both codes address the fatigue damage by adopting the Miner’s law.
R5 accounts for the crack initiation by calculating the number of cycles Ni necessary
to produce a crack of size ai , and the number of cycles Ng to make the crack grow
to the final size a0 . This allows separating the crack initiation and growth processes.
Therefore the size effect issue can be assessed. The two design codes address the creep
damage in different ways. ASME NH adopts the Time Fraction (TF) rule to calculate
the creep damage:
dTc F

Zth
=

dt
tf (σ, T )

(2.30)

0

where tf is the creep rupture time obtained by creep rupture tests, and it is function
of stress and temperature.dt is the time increment and th is the hold time. Despite
its simplicity this approach is not conservative for a small strain range without proper
safety factors, and becomes overly conservative for high stress dwell period [58, 59].
In contrast to this, the R5 procedure adopts the Ductility Exhaustion (DE), which is
determined by using the following relationship:
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Zth
=

ε̄˙c
dt
ε̄c (ε̄˙c , T )
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(2.31)

0

where th is the dwell time, ε̄˙c is the instantaneous creep strain rate and ε̄c is the
material creep ductility. The results generated by the DE produces less scattering
results when compared with the TF, making DE more accurate [47]. Despite the
reasonable conservative predictions given by the DE, when the initial stress is low,
overly conservative results are obtained. This behaviour was studied by Spindler [59],
who developed a ”Stress Modified Ductility Exhaustion” approach to overcome this
issue. Furthermore, this approach gives a better prediction of the creep damage due
to intermediate creep dwell during the load cycle, in a typical power plant operating
scenario [60, 61].

2.6

The Linear Matching Method Framework

The R5 procedure is composed of several steps, which require being accomplished in
order to fully assess the integrity a component. A simplified representation of all the
major steps is presented in Figure 2.14 in the form of a flowchart, a more extensive
description can be found in [62]. Alongside, all the deliverables provided by the LMMF
are shown. Both the R5 and LMMF share as starting point the problem description,
the thermal and elastic analyses. The first stage of the assessment regards the definition
of safe margins against the plastic collapse and creep rupture, if creep is significant.
When these checks are not passed, the use of detailed numerical analyses it is recommended. However, full inelastic analyses have two major drawbacks. The first one is
the requirement of detailed material constitutive equations. The second one is the high
computational cost and inherent convergence issues.
Conversely, the Linear Matching Method has been developed to accurately and
efficiently solve these and other design problems, without relying on conservative assumptions or complex constitutive formulations. Once the plastic and creep rupture
limits have been determined, a check on the existence of shakedown is performed by a
sequence of steps with an increasing complexity. If at least global shakedown cannot be
demonstrated, detailed inelastic analyses are recommended. As depicted in Figure 2.14
the LMMF provides numerical procedures to address this crucial step. Both the elastic
and global shakedown limits can be calculated for any arbitrary load history, providing
upper and lowerbound solutions. Hence if creep is relevant, and the associated dwell
time is relatively short the overall load history still the same as for shakedown but
stress relaxation cannot occur. Once again the LMMF provides a numerical procedure
to calculate the accumulated creep strain in such a loading case, which is always more
accurate than the R5 procedure [4].
The last part of the assessment deals with the characterization of the saturated
cycle, necessary to evaluate the pure fatigue and creep-fatigue damage. This is done
by evaluating the total strain and stress ranges, the start of dwell stress, the associated
stress drop, the creep strain rate and creep strain accumulated during the dwell. It is
also crucial to properly identify compressive and tensile creep dwells in order to not
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introduce produce overly conservative assessments. The LMMF provides two numerical
procedures to estimate the steady state cycle, considering pure fatigue or full creep and
cyclic plasticity interaction. This approach is different from the R5 procedure, which
relies on approximations to calculate the aforementioned quantities. Hence, the use of
the LMMF safely reduces conservatisms, but also improves the understanding of the
cyclic response of the structure by characterizing complex mechanisms such as creepratchetting or cyclically enhanced creep.

Figure 2.14: Schematic flowchart showing the R5 procedure for structural integrity assessment
and LMMF capabilities in support of the R5.
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Basic numerical procedure for the LMM

Consider an Elastic-Perfectly Plastic (EPP) body with a volume V and a surface S,
which is subjected to a general cyclic load condition. On such body volume is applied
a cycling temperature λθ θ(x, t) instead on the surface a constant load λp P (x, t) acting
over part of the structure’s surface ST . The remaining surface is constrained to have
no displacement. The time variation considered over a typical cycle is 0 ≤ t ≤ ∆t.
Corresponding to these loading histories there exists a linear elastic stress history:
p
θ
σ̂ij (x, t) = λθ σ̂ij
(x, t) + λp σ̂ij
(x, t)

(2.32)

θ and σ̂ p denotes the varying elastic stresses due to θ(x, t)and P (x, t), respecwhere σ̂ij
ij
tively. By selecting the proper values for λθ and λp a whole class of loading histories can
be considered. The general stress field for the cyclic problem involves three different
components, the elastic, the constant and the changing residual stress fields.

σij (x, t) = σ̂ij (x, t) + ρ̄ij (x) + ρrij (x, t)

(2.33)

where σ̂ij (x, t) represents the linear elastic solution depicted in equation (2.32),
ρ̄ij (x) denotes the constant residual stress field which is in equilibrium with zero primary loading and corresponds to the residual stress field at the start and end of the
cycle, which is responsible for the elastic shakedown behaviour. Instead, ρrij (x, t) represents the changing residual stress field within the load cycle, responsible for the reverse
plasticity and ratchetting behaviours. In order to characterize the critical limits mentioned in the previous section and the steady state cyclic response a minimization
process of a functional dependent by an appropriate class of kinematically admissible
strain rate history ε̇cij has been created within the LMMF. This minimization process
can be expressed in an incremental form as follow:
N
 X
I ε̇cij , λ =
In

(2.34)

n=1

I

n

∆εnij , λ



Z
=





n
σij
∆εnij − σ̂ij (x, t) + ρ̄ij (x) + ρrij (x, t) ∆εnij dV

(2.35)

V

ρrij (x) =

N
X

∆ρij (tn )

(2.36)

n=1

where N represents the total number of load instances considered within the load
cycle and ρrij (x) is the summation of all the previous changing residual stress field
increments ∆ρij (tn ). The strain rate history is replaced by a series of strain increments
∆εnij , as shown by equation (2.35), that occurs at each load instance n within the
load cycle. Depending on the design problem the cyclic stress history represented by
equation (2.33) can be varied. For elastic shakedown and creep rupture analyses, the
changing residual stress field is neglected otherwise a ρrij (x) 6= 0 can be considered. A
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set of linear incremental relationships for the strain increment can be defined for all
these class of problems as follow:
0

∆εij,l+1 (tn ) =

0
1 
σ̂ij (tn ) + ρij,l+1 (tn−1 ) + ∆ρij,l+1 (tn )
2µ̄l (tn )
0

∆εkk,l+1 (tn ) = 0

(2.37)

(2.38)

where notation ( ’ ) refers to the deviator component of stresses and µ̄l (tn ) is the
iterative shear modulus obtained from the iterative step l. This iterative shear modulus
is obtained by the following linear matching equation:

µ̄l+1 (x, tn ) = µ̄l (x, tn )

σy (x, tn )l


σ̄ σ̂ij (x, tn ) + ρrij (x, tn )l



(2.39)

where µ̄l+1 (x, tn ) is the iterative shear modulus at the iteration l+1 for nth load
instance associated to the previous iterative step l. ρrij (x, tn )l is the sum of the constant
residual stress field and all the previous changing residual stresses at different load
instances. σy (x, tn )l is the iterative von-Mises yield stress model at load instance tl for
the Elastic Perfect Plastic model or for the more refined Ramberg-Osgood one. When
one or more creep dwells affect the loading cycle at a predefined load instance nth , the
yield stress is replaced by the minimum of the yield stress and creep flow stress. The
extended numerical method is fully detailed in chapter 4.

2.6.2

The LMM software tool

From the earliest stage of the LMM development, efforts have been focused on the
development of the ABAQUS user subroutines. The user has to interact with the
FORTRAN source code to modify it accordingly to perform the desired analysis. A
few actions such as the definition of the loading history need to be carefully taken by
the user. Such procedure is not straightforward for engineers without any programming
experience, and can introduce errors that invalidate the results. To solve this issue, and
to enhance the usage of the LMMF from industries, a Graphical User Interface (GUI)
and an autonomous ABAQUS plug-in have been developed recently [63]. The aim of
the plug-in is to adopt the information provided by the user through a GUI, to automatically modify the finite element model in the Abaqus/CAE environment, and the
particular keywords required to output all the required parameters. This informations
include material properties, boundaries conditions and loading cycle definition. This
solution allows a convenient use of the LMM, but at the same time, it reduces the
possibility to introduce errors. The user can select the model and the analysis type
required through the GUI (Figure 2.15a). When this is done, the user can either extract
or provide the material constants required (Figure 2.15b).
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Figure 2.15: a) LMM main menu for analysis type and model selection, b) material properties
selection, c) load cycle construction menu, d) analysis parameters and convergence methods and
level menu.

The plug-in checks each value provided by the user to identify any possible error.
When an error occurs a dialog box appears, with an error code and a brief explanation that is useful for debugging. The definition of the loading cycle is performed by
compiling a load table (Figure 2.15c), where multiple load points can be created by
using individual load or temperature field defined in the CAE. This approach allows
the user to consider a whole class of different loading conditions. Once the load history
is defined the desired convergence rule can be selected (Figure 2.15d). The maximum
number of increments and the name of the analysis file can be decided to generate a
successful LMM job. It is worth noting that the LMM software tool has the capability to perform multiple Computer Processing Units (CPUs) analysis. This feature is
crucial for the large model when 3D complex geometries are considered.

2.6.3

Case study: notched bar

To show the capabilities of the LMMF, a benchmark numerical example is presented.
A bar with a circumferential round notch is considered. Its geometry and mesh are
represented in Figure 2.16a. Due to the symmetry of the problem, an axisymmetric
model is adopted.
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Table 2.1: 316(N)L mechanical properties at 550◦ C

Youngs modulus [MPa]
Poissons ratio
Yield stress [MPa]
Ramberg-Osgood
Norton-Bailey

160000
0.3
270
B = 1741.96
A = 6.604 · 10−19

n = 5.769

β = 0.2996
m = −0.55

Figure 2.16: a) Finite element model of the circumferential notched bar, b) and the different
loading histories considered.

The mesh is composed of 336 quadratic quadrilateral elements CAX8R in ABAQUS,
with a reduced integration scheme. Both the cyclic and constant mechanical loads are
applied and their loading histories are shown in Figure 2.16b. ∆σ is a cyclic axial
load with R=-1, and σm is a constant load. The bar is exposed homogeneously to a
high and constant temperature of 550◦ C. This type of loading condition allows for
the consideration of a large number of different loading histories. For creep-fatigue
interaction study a hold time ∆t is considered at the tensile peak, where significant
creep damage is expected. The material used for this example is stainless steel 316(N)
L, and all the elastic and inelastic material properties are presented in Table 2.1.

2.6.4

Cyclic response, plastic collapse and creep rupture

By using the Elastic Perfect Plastic (EPP) material model, the shakedown and ratchet
limit interaction diagram obtained for this notched bar subjected to a cyclic load history
are shown in Figure 2.17. The vertical and horizontal axes correspond to the cyclic and
constant mechanical load respectively, both normalised to the material yield stress. In
Figure 2.17, the shakedown limit is represented by a continuous black line, the ratchet
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limit and limit load by a dashed dot green and violet line respectively. When subjected
to a cyclic load within the shakedown limit the response of structure becomes Elastic
Shakedown (ES), where the material responses entirely elastically except for an initial
plastic strain occurred at the beginning of load cycle.

Figure 2.17: Notched bar interaction diagram, shakedown, ratchet and creep rupture limit.

If the component operates in the Plastic Shakedown (PS) region, low cycle fatigue
is expected, and a closed loop cycle is present. Contrary to the Bree-like diagram for
a cycling thermal load and a constant mechanical load, the ratchet limit and the limit
load are coincident as shown in Figure 2.17. This is due to the presence of a cycling and
constant primary loads, which make ratchet limit and limit load identical. The results
obtained provide a clear picture of the cyclic behaviour of the structure, for different
magnitudes of the loads applied. To demonstrate the accuracy of the limits predicted
a series of Step-by-Step (SBS) analyses had been performed for six cyclic load points
shown in Figure 2.17. Figure 2.18a presents the obtained plastic strain magnitude
histories for the cyclic load points SBS2 and SBS4 . Both cyclic load points exhibit
a clear shakedown behaviour. Figure 2.18b shows calculated plastic strain magnitude
histories for the cyclic load points SBS1 and SBS5 , both exhibiting a reverse plasticity
behaviour. The analyses for the last two cyclic load points SBS3 and SBS6 aborted
before completing. Both the cyclic load points are over the limit load, hence it is
impossible to meet the equilibrium. These results from the SBS analyses demonstrate
the accuracy of the shakedown limit and ratchet limit (limit load) prediction obtained
by the LMM. Furthermore, it is worth nothing that the computational cost required
by incremental analyses is much higher than the LMM. For the shakedown and ratchet
analysis, the advantage of the LMM over the SBS is that the LMM is a direct method
that exploits the bounding theorems and is able to calculate the limits directly and
accurately. Instead, the SBS analysis needs a significant number of trial and error
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attempts to locate these limits. Indeed a single SBS calculation can only determine
whether the component is in shakedown or ratchetting.

Figure 2.18: Plastic strain magnitude histories for different cyclic loading points obtained by
Step-by-Step analyses.

When the component is subjected to an elevated temperature the creep rupture
limit, need to be assessed. For this purpose, the LMM has recently been extended
in order to accurately calculate the rupture limit for the desired rupture time, by an
extended shakedown procedure, as used in the R5, but in a much more accurate and
robust way. In the LMM creep rupture analysis, the steady state cyclic stress is accurately evaluated by considering the associated residual stress at each integration point.
Furthermore, the temperature dependent creeps rupture stresses are also considered for
the entire structure without any conservative assumptions. In Figure 2.17, two creep
rupture limits are shown for 10000 (short dash) and 100000 (long dash) hours. In this
assessment, the reduction of material strength across the entire specimen is homogeneous due to the constant and homogeneous temperature.The most critical location is
always located at the root of the notch. If the applied cyclic loading point is outside
the creep rupture limit, the component will rupture at a stage earlier than its designed
life.
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Creep fatigue assessment

Low cycle fatigue assessment is needed when the component operates in the plastic
shakedown (PS) domain, or when the cyclic response results in a closed hysteresis
loop due to a creep dwell. In order to predict the number of cycles to failure, the
maximum total strain range is calculated by the LMM for the notched specimen. Then
the strain-life relations obtained from the experimental test are used to predict the
number of cycles to failure. These predictions are then compared in Figure 2.19 with
the scaled strain-life curve taking into account the notch factor, due to experimental
data being unavailable for the geometry studied.

Figure 2.19: Results for pure fatigue and creep-fatigue assessment of a circumferential round
notched bar with pure fatigue life curve.

In order to study the effect of the material hardening on the low cycle fatigue life,
the Ramberg-Osgood material model is adopted, to fully describe the steady state cycle
response. The parameters for the material are reported in Table 2.1. For this work, only
small applied strain amplitudes between 0.25-0.6 % are considered, which correspond to
more practical industrial application [64]. For the LCF assessment with creep-fatigue
interaction, three tensile peak dwell periods of 1, 10 and 100 hours are considered. A
series of parameters is required to assess fully the creep-fatigue interaction, which leads
to the crack initiation at the most critical location. These parameters are discussed
by [65], and are the total strain range, the stress at the start of the dwell, the creep
stress drop, the associated creep strain increment and the elastic follow up factor.
Contrary to the R5, which bases the calculation of many of the parameters mentioned
above on a series of approximate quantities obtained by the elastic solution, the LMM
fully considers the creep-fatigue interaction during the cycle and accurately calculates
the elastic, plastic and creep strains and associated stresses by adopting robust solid
mechanics concepts. Figure 2.19 shows the results of pure fatigue and creep-fatigue
assessment of the specimen subjected to the cyclic loading point A, B and C illustrated
in figure 2.17. Figure 2.19 illustrates the comparison between the number of cycles to
failure between those expected by taking into account the notch factor (grey square),
the predicted endurances by the LMM (red dot), and by the SBS (green star) adopting
a non-linear kinematic hardening present in ABAQUS. A good agreement is achieved
for the pure fatigue predictions, especially for intermediate and large strain ranges
(cyclic load point B and C). However, a slightly less conservative result is observed for
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the smallest applied total strain (cyclic load point A), with an error of 23 % over the
expected number of cycles to failure by taking into account the notch factor. The SBS
results match with the expected results for small strain and become more conservative
for large strains. However, the CPU time required by the SBS analysis is around
1104 seconds. Instead, only 116 seconds for the LMM adopting the Ramberg-Osgood
material model. The SBS requires 16650 increments to complete all 150 steps. Instead,
the LMM needs only 150 increments for the single analysis step. The impact of creep
dwell on the life of the specimen is investigated, and it is also shown in 2.19. The
creep-fatigue assessment results are presented for the three dwell times considered.
For 1 hour dwell, the life reduction is around 42%, and the damage due to fatigue is
larger but comparable to the one produced by creep. However, when the creep dwell
increases creep-fatigue interaction becomes relevant, and the life reduction is more
significant. The further stress relaxation due to the increase of the dwell time enhances
the reversed plasticity during the reverse loading. Figure 2.20 shows how the cyclic
response is affected by the increase of the creep dwell.

Figure 2.20: Cyclic response at different creep dwells time for cyclic loading point A at the most
critical location.

The effect of creep fatigue interaction on the notched bar life is shown in Figure
2.21, for cyclic load point A (0.25% applied strain amplitude) at different dwell times.
From the plot on the left the creep damage increase with the dwell time, and after a
precise threshold it is larger than the fatigue damage. Despite the stress relaxation,
the fatigue damage is not enhanced significantly. The hardening allowed by considering
the Ramberg-Osgood material model allows better prediction of the reversed plasticity.
By focusing on the same figure up to 30 hours, a turning point can be identified, which
is about 10 hours. Between 10 and 15 hours, the creep-fatigue interaction is maximum.
After 15 hours the creep damage increases and becomes the most important failure
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mechanism.In Figure 2.22 the creep strain against the net plastic strain is reported for
each dwell time considered.

Figure 2.21: Creep and fatigue damages against dwell time, and notched bar endurance.

When the net plastic strain due to the loading and unloading phase is not equal to
the creep strain accumulated over the dwell creep-ratchetting occurs. For this loading
condition and a dwell time larger than 10 hours, the results are above the closed loop
limit (dashed line). The associated creep-ratchetting mechanism is creep strain dominated. However, it is important to clarify if this mechanism is relevant for the specimen
integrity. For this case, which corresponds to an applied strain amplitude of 0.25 %,
the creep ratchetting is not so severe. For 1000 hours (Figure 2.22) it does not produce
significant damage compared to the creep-fatigue interaction. The expected failure is
at 98 cycles, but the creep-fatigue cycles to failure have been estimated to about 40
cycles.

Figure 2.22: Creep-ratchetting interaction diagram at different creep dwells time for cyclic
loading point A at the most critical location, and contour of the cycles to failure for creepratchetting at 1000 hours.
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Conclusions

A detailed review of the main aspects of creep and creep-fatigue interaction in structures
at high temperature is given. For creep-fatigue interaction, the creep dwell within a
cyclic load is confirmed to cause a series of dangerous mechanisms, including the creep
enhanced plasticity/fatigue, cyclically enhanced creep damage, and creep ratchetting.
If the creep-fatigue interaction produces a closed hysteresis loop response, the damage
originates due to the combined action of the cyclically enhanced creep and the increased
fatigue damage due to the stress relaxation during the dwell period. Alternatively, if the
creep strain becomes too large to be compensated by the reverse plastic strain, or the
significant stress drop during the dwell period leads to a significantly reversed plastic
strain, the closed hysteresis loop may become open. This inelastic strain accumulation
is known as Creep Ratchetting, and it has been recommended for this to be assessed
separately with the creep-fatigue damage assessment.
The main differences and crucial points for the creep-fatigue interaction assessment
of both ASME NH and R5 have been reviewed. It is worth noting that both codes
adopt conservatisms in the entire creep-fatigue assessment procedure. In terms of
creep damage assessment, the use of creep ductility and stress modified creep ductility
allows R5 to produce less conservative results for any strain range. Another point of
difference is the material selection, which is very strict for the ASME, whereas the
R5 is flexible and allows the user to make the appropriate selection. This difference
becomes crucial when assessing new components, which are intended to operate at
extremely high temperatures where creep-fatigue interaction is dominant. R5 can be
used in addition to the ASME NH when this provides overly conservative results due
to extreme cyclic loading conditions.
The assessment of creep rupture and creep-fatigue interaction through incremental
finite element analyses have also been reviewed. For creep rupture the use of continuum
damage mechanics using stress-based methods is demonstrated to be effective. However,
these methods are very sensitive to the material parameters, requiring a very detailed
optimisation process. This also requires many experimental tests, which are not always
feasible. Furthermore, the stress-based methods are recognised to be mesh sensitive
and highly affected by the load level within the structures. Finally, the computational
cost is significant when 3D structures are modelled. For creep-fatigue interaction,
incremental analyses have been used demonstrating how these are in several cases
inefficient compared to direct methods such as the LMM.
A complete overview of high-temperature design and assessment capabilities of the
Linear Matching Method Framework is given. The LMM has been demonstrated to
be capable of improving the assessment in a robust and reliable way by reducing the
unnecessary conservatism present in the design code. The introduction of the LMM
software tool using an ABAQUS CAE plug-in with an intuitive GUI makes the LMMF
easily accessible to a wide range of users, including those who have little knowledge in
theory and programming skills. The benchmark example of the notched bar demonstrates the effectiveness of the method, and several of analysis types are achieved with
the minimum number of material properties.

Chapter 3

Creep rupture assessment by a
robust creep data interpolation
using the LMM
3.1

Introduction

In engineering a great number of structures are subjected to the action of combined
loads, especially mechanical and thermal loading. In particular fields of engineering like
aerospace and nuclear among many others, creep is a remarkable phenomena. Creep
rupture is identified during uni-axial testing, and is observed as a rapid strain increase
in a short time period. The source of creep damage is related to the growth and coalescence of voids in the material microstructure. The assessment of this degenerative
process is necessary to establish in which location and how the component will fail.
Various of creep damage models have been proposed, such as the Kachanov-Rabotnov
model [30, 31], or others [15, 32, 66, 67]. Approaches like these relying on detailed
creep strains are able to simulate the entire damage process during creep analysis, but
require numerous creep constants in the constitutive equation, which are not always
available. Furthermore, the applied load is typically monotonic in these creep analyses, and greater effort is necessary when simulating a cyclic loading condition. For
industrial applications, usually it is important to employ methods based upon the creep
rupture data [4] which are able to simulate a precise phenomenon with fewer constants
as possible, and efficiently consider practical cyclic thermal and mechanical loading
conditions.
For this consideration the Linear Matching Method (LMM) introduced an approach
to simulate the creep rupture effect by extending the shakedown analysis method [68,
69]. This approach evaluates the creep rupture limit using an extended shakedown
method by the introduction of a revised yield stress, which is calculated comparing the
material yield stress with a creep rupture stress obtained by an analytical formulation.
The assessment of creep rupture limit in this way does not need to explicitly calculate
the creep strain during the component lifetime, thus avoiding difficulties from using
detailed creep constitutive equation. The advantages of this approach on the basis of
creep rupture data are the limited amount of material data required, and the capability
to construct a complete creep rupture limit for different rupture times. The method is
42
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capable of identifying the most critical areas where the failure will occur, and also to
highlight which type of failure mechanisms (plasticity failure or creep rupture) will be
dominant. It is worth noting that the LMM creep rupture analysis method for cyclic
load condition is also able to evaluate the monotonic loading condition as a special case,
associated with an extended limit analysis. The proposed LMM creep rupture concept
has been verified [69]), however, it does not provide an accurate model for various
alloys, where creep rupture mechanisms can be notably different, and the analytical
function in [19] can provides inaccurate predictions.
The aim of this study is to develop a more flexible and accurate numerical method
capable of providing an accurate creep rupture stress to replace existing analytical creep
rupture stress function adopted within the LMM creep rupture analysis, by investigating various interpolation and extrapolation methods for the calculation of creep rupture
stress for the entire range of temperature and creep rupture time using limited creep
rupture experimental data. For this purpose, three distinct methods a) linear interpolation method, b) logarithm based polynomial relationship and c) the Larson Miller
parameters, are investigated and compared to produce the most accurate prediction.
The aim of this chapter is also to implement the interpolation and extrapolation methods on creep rupture data into the LMM creep rupture analysis method, and apply this
new procedure to a couple of practical examples of creep rupture analysis. The first
example provides a benchmarking, which analyses creep rupture limits of a plate with
a hole subjected to a cyclic thermal load and a constant mechanical load. The second
example performs creep rupture analyses of a two-pipe structure under combined action
of a cyclic thermal load and a constant mechanical load, and is used to further confirm the efficiency and effectiveness of the new method, and to discuss distinct failure
mechanisms associated with various creep rupture limits. For both numerical examples,
step-by-step analysis is also used to verify the accuracy of the proposed creep rupture
assessment method.

3.2

LMM approach to creep rupture analysis

The LMM approach to creep rupture analysis is performed through an extended shakedown analysis [69, 70], where the original yield stress of material in the analysis is replaced by so-called revised yield stresses at each integration points for all load instances
in the finite element model. Using the strategy of extended shakedown analysis, the
creep rupture limit can be assessed for both the cyclic and monotonic load conditions
depending upon the number of load instances in a cycle. In the method, the revised
yield stress σyr is determined by the minimum of original yield stress of material σy and
a creep rupture stress σC for a predefined time to creep rupture tf . With this scheme,
the creep rupture limit of a structure can be evaluated efficiently and conveniently by
using the creep rupture data only, without the usage of detailed creep constitutive equations. Apart from the time to rupture tf , the creep rupture stress σC also depends on
the applied temperature T . [69] proposed an analytical formulation for the calculation
of the creep rupture stress, which is the product of the yield stress of material and two
analytical functions as shown below:
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σc (xi , tf , T ) = σy · R

tf
t0




·g

T
T0
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(3.1)

where
 xi is the position of the integration point, t0 and T0 are material constants,
 
t
R tf0 is the dimensionless function of a given time of creep rupture tf , and g TT0
is the function of the applied temperature T . It is worth noting that for several of
practical materials a unique equation 3.1 of creep rupture stress is not available. Hence
a compromised scheme was
 provided by [69] for a particular case of plate with a hole,
tf
where the function R t0 was a known parameter, and therefore no detailed formu 
lation was needed for it. The function g TT0 that reflects the creep rupture stress
dependency on temperature is formulated by:

g

T
T0


=

T0
T − T0

(3.2)

However, in practical applications with limited experimental creep rupture data, it
would be impossible to formulate equation (3.1) for the analysis. To overcome this, a
new numerical scheme to calculate the creep rupture stress using limited rupture experimental data is proposed within this work. Once the revised yield stress σyr is obtained
from the creep rupture stress for a given time to creep rupture and temperature, it
allows an extension of the shakedown procedure for the creep rupture analysis. In the
rest of this section, the applied LMM numerical procedure [69] for the creep rupture
assessment is summarised. The material is considered isotropic, elastic-perfectly plastic. The stress history has to satisfy both the yield and the creep rupture condition.
In order to define a loading history an elastic stress field σ̂ ij is obtained by the sum of
θ and mechanical stress σ̂ P . Such elastic stress fields
different elastic thermal stress σ̂ij
ij
are associated with load parameter λ, which allows considering a wide range of loading
histories:
θ
P
λσ̂ ij = λσ̂ij
+ λσ̂ij

(3.3)

The method relies on a kinematic theorem [71], which can be expressed by the
incompressible and kinematically admissible strain rate history. This strain rate ε̇cij is
associated with a compatible strain increment ∆εcij using an integral definition:
Z∆t
ε̇cij dt = ∆εcij

(3.4)

0

A creep rupture limit multiplier can be calculated, taking into account the load history
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introduced:
Z Z∆t
λcreep
V

σ̂ij ε̇cij



Z Z∆t
c c
dtdV =
σij
ε̇ij dtdV

0

V

(3.5)

0

c is the stress at the revised yield associated with the
For creep rupture analysis, σij
strain rate history ε̇cij , σ̂ij and is the linear elastic stress field associated with the load
history for λ = 1. Combining the associated flow rule, equation (3.5) can be simplified
and the creep rupture limit multiplier λcreep can then be calculated by the following
equation:

R ∆t
R
λcreep =

 
σyR (t) · ε̇¯ ε̇cij dtdV

V 0

R ∆t
R 

(3.6)
σ̂ij ·

V 0

ε̇cij



dtdV

where σyR (t) is the revised yield stress which is determined by the minimum of the yield
stress of material σy (t) and the creep rupture stress σC (t) depending on the temperature
at each integration point and the predefined creep rupture time. Equation (3.6) contains
two volume integrals, which can be calculated via plastic energy dissipations from the
Abaqus solver [16]. An iterative solving process based on a number of linear problems
can be arranged [70]. The first step initiates with plastic strain rate ε̇iij , from which a
linear problem is posed for a new strain history ε̇cij ,
0
1 i
λcreep σ̂ij + ρ̄cij
µ
=0

ε̇cij 0 =

(3.7)

ε̇ckk

(3.8)

µ=

σyR
i
ε̇¯

(3.9)

where notation (0 ) refers to the deviator component of stress and strain, ρ̄cij is the
constant residual stress field. Equation (3.9) describes the matching condition between
the linear and non-linear materials, where the shear modulus µ is defined as the ratio
i
between the revised yield stress σyR and the equivalent strain rate ε̇¯ . To obtain the
solution over the cycle, the equation (3.8) is further integrated over the cycle time
producing the following relations:
∆εcij 0 =


1 c
in 0
ρ̄ij + σij
µ̄

(3.10)
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σij

 ∆t

Z
1
= µ̄ 
λi
σ̂ (t)dt
µ(t) creep ij
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(3.11)

0

1
=
µ̄

Z∆t

1
dt
µn

(3.12)

0
in is the scaled elastic stress component
where ∆εcij is the plastic strain increment, σij
over the cycle and µ̄ is the overall shear modulus for the cycle period ∆t. Once the
solution for this incompressible linear problem is calculated, a load multiplier λfcreep can
be obtained using the strain rate history ε̇cij in equation (3.6). For each increment the

creep rupture limit calculated has to satisfy this inequality λfcreep ≤ λicreep . The repeated
use of this procedure generates a monotonically reducing sequence of creep rupture
limit multipliers, which will converge to a minimum upper bound when the difference
between two subsequent strain rate histories has no effect on creep rupture limit. When
convergence occurs, the stress at every Gauss point in the finite element mesh is either
equal or lower than the revised yield stress. For a practical case of study, a load history
can be defined as a sequence of straight lines in the load space, and the entire load
history can be fully described by the vertices. These vertices represent a number of
stress fields, which create the stress history associated with the corresponding loading
history. Considering a strictly convex yield condition that includes the von Mises yield
condition, the plastic strain occurs only at these vertices. In such a case the strain
rate history over the cycle can be expressed by a sum of plastic strain increments at
these vertices in the load space. By adopting this procedure the creep rupture limit
can be calculated by an iterative process which leads to a unique solution, considering
only the most relevant points of the loading cycle [69], and avoiding the use of creep
constitutive equations which are normally difficult to be obtained.

3.3

Numerical schemes on creep rupture stress using limited experimental data

Equation (3.1) provides an analytical solution to the creep rupture stress, with no
direct relationship with experimental data. The aim of this new approach is to use
limited experimental rupture data to calculate the correct creep rupture stress. The
interpolation and extrapolation on creep rupture experimental data is a challenging
field, on which many other researchers [26, 27, 29, 72, 73] worked to produce reliable
long term creep rupture data. In order to interpolate and extrapolate creep rupture
data required for the LMM creep rupture analysis, different approaches and strategies
are investigated. The first strategy investigated is a linear interpolation. The requested
material property is estimated by linear interpolation in the smallest temperature range
available. When the temperature is out of the range provided, extrapolation needs to
be performed. This approach is straightforward, but has a serious weakness. The
accuracy relies on the number of data points provided. If the temperature range of
simulation is wider than the available experimental one, a remarkable overestimation
of creep rupture stress is possible. Furthermore, such a method is not capable of fitting
complex non-linear material behaviour especially at high temperature with scattering
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data. The second approach uses a polynomial logarithmic relationship between the
stress and temperature, and least square method is adopted to perform the calculation
of polynomial coefficients. The ”best” fit is the one that minimizes the square of the
error, expressed by the following equation [74]:
err =

n
X

(yi − (a · xi + b))2

(3.13)

i=1

To minimize the error the constants have to be precisely evaluated. The derivatives of
the error with respect to the variables are fixed to zero, obtaining two linear equations.
These equations can be solved, gathering a matrix formulation for a first order linear
interpolation, which does not always provide a good agreement with experimental data.
Therefore, to overcome this issue, a more general formulation is introduced. The error
that has to be minimized is expressed by the following relationship:
err =

n
X
i=1

yi −

a0 +

j
X

!!2
ak xk

(3.14)

k=1

In order to do this a derivative for each coefficient is needed, and each equation is set
to zero. For j that represents the order and n the number of data points the following
equation is obtained:
!!
j
n
X
X
∂err
= −2
yi − a0 +
ak xk
xj = 0
(3.15)
∂aj
i=1

k=1

This general formulation can be represented in a matrix formulation, and the Gaussian
elimination is used to achieve the system solution.

P
P 2
P j    P 
n
xi
xi
···
xi
yi
a0
P 2
P 3
P j+1
P
   P x y 
x
x
···
x  a1  P i i 
 xi
P i4
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a2 
 xi
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xi  
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.   .. 
..
..
..  
 ..
..
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aj
xji yi
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···
xi
Using this formulation different interpolating equations can be constructed for the
temperature (T ) dependent creep rupture stress σC . The polynomial formulation considered for a specific jorder is the following:
log (σc ) = a0 + a1 (log (T )) + a2 (log (T ))2 + . . . + aj (log (T ))j

(3.16)

The third method evaluated is the Larson Miller parameter which is based on timetemperature parameters [26]. Such a method is used to determine the creep master
curves, compensating time with temperature to predict long term creep data. The
Larson Miller parameter is widely used for long term creep rupture data prediction
and for master curve extrapolation using short term experimental results. It relies
on the assumption that a coincident point exists for all iso-stress plots. The Larson-
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Miller parameter can be used to establish a relationship between the rupture stress,
the temperature and rupture time allowing extrapolation for long term creep. This
parameter is defined by the following expression:
PLM =

(T + 273.15) · (log (tf ) + C)
1000

(3.17)

where T is the temperature expressed in Celsius degree, tf is the time to rupture
measured in hours and C is a material constant, normally around 20-22. The first step
is to calculate the PLM values of all the data available, obtaining a PLM versus log (σ)
plot. A second order polynomial equation is used to fit the data points:
log (σ) = a0 + a1 PLM (T ) + a2 (PLM (T ))2

(3.18)

The three parameters [a0 , a1 , a2 ] are calculated using the least square method. Adopting
these parameters it is possible to extrapolate data over the temperature for the same
rupture time. If necessary such method is capable of extrapolating the rupture stress
over the time. Equation (3.18) makes the creep stress directly related to the Larson
Miller parameter, for a defined rupture time, temperature, and constant C that is
shown in equation (3.17) and is material dependent.

Figure 3.1: a) Interpolation of experimental creep rupture data with three methods b) Close
view of creep rupture interpolation at lower temperatures

In order to find the best numerical scheme, a comparison between these approaches
is shown in Figure 3.1, which is obtained by interpolating and extrapolating Nimonic
80-A rupture data. In order to reproduce the common lack of availability of data
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for a wide range of temperatures only five data points are used (”Assumed Available
points”) over the nine presented on the data sheet (”Real Data Points”). Figure 3.1a
shows a complete view of the interpolation results. It is clear how linear interpolation
overestimates rupture stress for high temperatures and contrary underestimates it for
low temperatures.
The other two methods instead are able to provide much more accurate rupture
data, and the Larson Miller approach is the one which leads to the most precise prediction. Figure 3.1b presents a closer view for temperatures between 480◦ C and 520◦ C. It
can be seen clearly that the Larson-Miller approach is still the best option due to its capability of providing an accurate prediction; instead linear and logarithmic approaches
respectively underestimate and overestimate the real experimental rupture stress. For
each method the maximum and minimum temperatures are imposed. The maximum
allowable working temperature is a material constant, and is an upper bound limit for
the simulation. The minimum creep temperature is a material constant too, and depends on the rupture time. All the methods described in this section are implemented
in the solution process through a FORTRAN subroutine called by the LMM creep rupture analysis via Abaqus user subroutine UMAT [16], where the Larson Miller method
is the default method to calculate the creep rupture stress, but the user is allowed to
use other two schemes as well during the analysis.

3.4
3.4.1

Plate with a hole
Finite element model for the plate with a hole example

The first example analysed is a square plate with a hole subjected to a constant mechanical load and a cycling thermal load. A quarter of the plate is modelled due to
the symmetry condition (Figure 3.2). The mesh used is composed by 642 20-node solid
isoparametric elements, with reduced integration scheme.

Figure 3.2: Finite element model of plate with a hole
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The following geometric ratios are used in this study, D
L = 0.2 where D is the hole
t
diameter and L the length of the plate, and L = 0.05 where t is the plate thickness.
In order to benchmark the new approach the same material properties used by [74] are
considered. The material has a Youngs modulus E = 208 GP a, Poissons ratio ν = 0.3
and a constant yield stress σy = 360 MPa. A reference uni axial tensile load σp =
360 MPa is applied on the external face surface, and plain conditions are applied to the
two external faces. The reference thermal elastic stress field is generated by imposing
a thermal gradient over the component. The coefficient of thermal expansion of the
material is α = 1.25×10−5 ◦ C −1 . In order to generate the appropriate temperature field
a user defined subroutine is used, *UTEMP within Abaqus [16], where the temperature
gradient of the plate with a hole is defined using the following equation:
θ = θ0 + ∆θ · ln(

5a
)/ ln(5)
r

(3.19)

where a is the radius of the hole, temperature θ0 = 200 and ∆θ = ∆θ0 = 400 for the
reference thermal elastic stress. This analytical formulation computes the temperature
for each integration points using the coordinates to calculate the appropriate distance
from the plate centre. In order to compare the results obtained by using the new
methodology with the previous approach a table of creep rupture stresses are calculated
using equations (3.1) and (3.2).

3.4.2

Results and discussion for the plate with a hole example

An initial investigation has been performed for a given creep rupture time corresponding
to R=0.5. A fictional rupture stress data is obtained using equations (3.1) and (3.2).
To determine which is the most robust interpolation/extrapolation method three creep
rupture batches are adopted (Table 3.1). The first batch contains creep rupture stresses
at low temperature ( 300◦ C to 340◦ C), the second one at high temperature ( 450◦ C to
480◦ C) and the last one contains both.
Table 3.1: Creep rupture data of fictional steel

Temperature [C]

Batch-1
Batch-3
Batch-2

300
310
320
330
340
450
460
470
480

Creep rupture stress [MPa]
for R = 0.5
360
327
300
276
257
144
138
133
128

A single creep rupture limit calculation is performed, for the plate with a hole
subjected to the reference thermal load and nil mechanical load. Direct comparison
between linear interpolation method and Larson Miller method using different data
batches is showed in Figure 3.3a.
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Figure 3.3: a) Convergence of creep rupture limit for different interpolation techniques, b) and
c) Revised yield stress contour obtained by linear interpolation and Larson Miller method [MPa],
respectively

Using data batch-3 equal creep rupture limit multipliers are obtained (black line)
for both methods. Instead using data batch-1, the solution provided by the linear interpolation is the less conservative. This outcome is due to the lower extrapolation
accuracy of creep rupture stress over temperature. Instead the Larson-Miller approach
is capable of interpolating and extrapolating a more precise creep rupture stress, which
brings to a safer solution for data batch-1. If creep rupture stress data points provided
are at high temperature (batch-2) the Larson Miller method produces very accurate
creep rupture limit, contrary the linear interpolation method is over conservative. Figure 3.3b and Figure 3.3c show the converged revised yield stress calculated by using
the linear interpolation method and Larson Miller method respectively. The creep
rupture stress around the hole with the highest temperature calculated by the linear
interpolation is about higher than the one predicted by the Larson Miller approach.
For these reasons the Larson-Miller parameter is considered to be the most appropriate
approach leading to the accurate solution to the creep rupture stresses for the creep
rupture analysis. Therefore, only the Larson-Miller parameter is considered in the rest
of this chapter. Figure 3.4 presents a creep rupture limit diagram of a plate with a hole
under constant mechanical load and cycling thermal load for different time to rupture,
using the creep rupture data calculated by both the analytical function (3.1) and the
new approach using the new scheme. It can be seen clearly in Figure 3.4 that the
new approach and previous method in [69] using the analytical function (3.1) produce
identical creep rupture limit curves.
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Figure 3.4: Creep rupture limit diagram for a plate with a hole, under constant mechanical load
and cycling thermal load for different time to rupture

It is worth noting that the creep rupture limit curve obtained for R=2 matches
perfectly with the shakedown limit, as for this required time to rupture (R=2) the
calculated creep rupture stress is greater than the yield stress of material (i.e. the
revised yield stress is equal to the yield stress of material), causing a failure of the
component dominated by the plastic yield rather than the creep rupture. In all other
cases as expected a remarkable creep rupture limit reduction takes place when the
reduction of the creep rupture stress leads to a lower revised yield stress, due to a lower
value of R (i.e. longer allowable time to creep rupture). Figure 3.5a and Figure 3.5b
show the creep effect due to load cases at points A and B, which are taken from the
curve with R=0.5 in Figure 3.4. When temperature is high enough creep is dominant
(load point A), the revised yield stress is lower than the initial yield stress across a
big component volume (Figure 3.5a). Instead for load point B creep effect is highly
reduced, and the reduction of the revised yield stress due to the high temperature is
limited to a small volume around the hole (Figure 3.5b).
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Figure 3.5: a)Effect of temperature (left contour) on the revised yield stress (right contour) for
load point A (Figure 3.4) b) Effect of temperature (left contour) on the revised yield stress (righ1t
contour) for load point B (Figure 3.4).

In order to confirm the obtained LMM creep rupture limit interaction curves in
Figure 3.4, the creep rupture limit for R=0.5 is verified through a step-by-step analysis,
considering the following cyclic load points, A1 (0.2,0.65), A2 (0.2,0.55), B1 (0.6,0.65),
B2 (0.6,0.55), C1 (0.85,0.2), C2 (0.8,0.2) shown in Figure 3.6, where cyclic load points
A1 , B1 and C1 are just outside the creep rupture limit curve for R=0.5, and points A2 ,
B2 and C2 are slightly below the creep rupture limit curve.

Figure 3.6: Different creep rupture and plastic collapse mechanisms of the plate with a hole
corresponding to load points A1 , B1 and C1 , respectively for R=0.5
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In order to introduce the creep rupture effect in the step-by-step analysis and validate the creep rupture limit obtained (Figure 3.7a), the revised yield stress by the creep
rupture stress is used to replace the yield stress. By comparing plastic strain histories
for these cyclic load points (Figure 3.7b) calculated by the step-by-step analysis, it can
be seen that all the cyclic load points exhibit a shakedown behaviour when using the
original yield stress of the material except for load point C1 which shows a ratchetting
mechanism.

Figure 3.7: Verification of the a) LMM creep rupture limit for the plate with a hole by comparing
the b) plastic strain histories from detailed step-by-step analyses.

Contrary when the creep rupture stress is considered, cyclic load points A1 , B1
and C1 exhibit a non-shakedown behaviour, and cyclic load points A2 , B2 , C2 show a
shakedown mechanism. These significant mechanism changes between cyclic load points
A1 /B1 /C1 and A2 /B2 /C2 indicate the applicability of the calculated creep rupture
limit interaction curve for R=0.5. It can also been observed that the creep rupture
limit interaction curve for R=0.5 exhibits three distinct areas according to the applied
constant mechanical load ranges,and respectively. In the first load range local creep
rupture behaviour is dominant, instead a global creep rupture is present in the second
one. The upper bound of the second mechanical load range represents the end of creep
rupture effect on the component. In the third load range, where, the creep rupture does
not take any effects due to the relatively low temperature. The corresponding creep
rupture limit curve is actually determined by a global ratchetting mechanism and results
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are equal to the shakedown procedure. This threshold is not constant and varies with
the defined rupture time. An extreme case is represented by the creep rupture limit
for R=0.1 (Figure 3.4). In this case the revised yield stress is widely affected by the
creep rupture and global ratchetting failure occurs only for temperature ratio below.
Figure 8 presents three typical failure mechanisms of plate with a hole corresponding
to load points A1 , B1 and C1 , respectively, by showing the plastic strain magnitude
contours calculated by the step-by-step analysis using the revised yield stress with
R=0.5. Local creep rupture occurs for load point A1 which affects strictly a local area
at high temperature, contrary the global creep rupture mechanism occurs for the cyclic
load point B1 which affects a larger area across the thickness. For the cyclic load point
C1 , a global ratchetting rather than the creep rupture becomes the failure mechanism,
which is totally driven by the larger mechanical load and lower temperature.

3.5
3.5.1

Two-pipe structure
Finite element model for the two-pipe structure

In the second example, the component is composed of two pipes with different lengths,
which was originally created by [75] as a one dimensional problem made by two bars.
Later [76] modified it by replacing the bars by pipes, and an internal pressure to the
longer pipe was introduced. Both pipes were subjected to an axial force F and the
longer one having a cycling temperature. This example was also adopted by [5] to
predict ratchet limit and it is useful to investigate different failure mechanisms. This
study further extends the example by cycling the temperature over each of the two
pipes and considering creep rupture, as shown in Figure 3.8.

Figure 3.8: Finite element model of the two-pipe structure subjected to an axial force F and an
internal pressure P on the longer pipe, with a fixed force over pressure ratio of F/P=10, as well
as a thermal cycling load on a) the longer pipe , and b) the shorter pipe
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Two thermal load cases are considered in this study; in case (a) the shorter pipe
is at constant uniform temperature of 0◦ C and the longer one has a cycling uniform
temperature between 0◦ C and the operating one. Contrary in case (b) the shorter pipe
is subjected to that cyclic temperature and the longer pipe is set to constant uniform
temperature of 0◦ C. In addition to this thermal load, the two-pipe structure is also
subjected to an axial force F, given in Newton [N], and an internal pressure P given
in [MPa] is applied on the longer pipe, a fixed force over pressure ratio of F/P=10 is
considered. This ratio was adopted by [17] demonstrating how it affects the ratchet
limit. The ratio adopted here is considered to be the worst case scenario due to the
severity of hoop stress comparing with the axial force. Despite the simple geometry,
such an example is complex in terms of failure mechanisms and it is an ideal example
to investigate the effect of creep rupture. The entire model is composed of 1460 20node solid isoparametric elements, with reduced integration scheme. The geometric
dimensions adopted are given in Table 3.2.
Table 3.2: Two-pipe structure dimensions

Property
Length
Outside radius (mm)
Inside radius (mm)

Pipe 1
100
2.68
2.00

Pipe 2
200
3.22
2.00

The two pipes have one end constrained in the axial direction and plane condition
is applied to the other end allowing the two pipes to deform together. The material
adopted is Nimonic 80A which has a Youngs modulus of 219 GPa , a Poissons ratio
of 0.3, and a coefficient of thermal expansion 1.61 × 10−5 ◦ C −1 . It is worth noting
that the LMM is capable of considering temperature dependent material properties.
However in this study the effect of temperature on the Youngs modulus and coefficient
of thermal expansion is not significant comparing with the effects of temperature on
both the yield and creep rupture stress. Hence the temperature dependent yield stress
of material is used and it is reported in Table 3.3, as well as the temperature dependent
creep rupture stresses for different times to rupture shown in Table 3.4.
Table 3.3: Temperature dependent yield stress of Nimonic 80A steel alloy

σy (T )[MPa]
T [◦ C]

780
0

725
200

700
650

455
800

50
990

The creep rupture data of Nimonic 80A steel shown in Table 3.4 are obtained using
the LM extrapolation procedure for 300 khrs of time to rupture and also 200 khrs when
temperature is greater than 570◦ C.

3.5.2

Results and discussions for the two-pipe structure

Both the shakedown limit and creep rupture limit interaction curves for different times
to rupture for the two-pipe structure subjected to thermal load case (a) are obtained
by the proposed method and shown in Figure 3.9. Axial force F is given in Newton
[N], and the cyclic temperature range in degree Celsius [◦ C]. The blue line represents
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Table 3.4: Creep rupture data of Nimonic 80A steel at different rupture times, [*] extrapolated
data

Temperature [◦ C]
480
490
500
510
520
570
600
620
650
670

Creep rupture stress
100 khrs [MPa]
779
746
713
680
646
475
372
306
217
168

Creep rupture stress
200 khrs [MPa]
742
709
675
640
606
412*
312*
253*
177*
135*

Creep rupture stress
300 khrs [MPa]
693*
662*
628*
592*
555*
366*
264*
206*
135*
99*

the shakedown limit calculated using the original yield stress of the material. Instead
the dashed lines represent the creep rupture limits for rupture time of 100, 200 and 300
khrs, respectively.

Figure 3.9: Shakedown limit (continuous line) and creep rupture limit diagram (dashed line) at
different time to rupture for a two-pipe structure (case a).

The creep rupture limit for a given rupture time of 100 khrs under cyclic thermal
load case (a) (Figure 11) is verified by a series of step-by-step analyses, considering three
cyclic load points just outside the creep rupture limits C1 (2000,570), C3 (3500,520),
B1 (4200,300) and three inside C2 (2000,540), C4 (3500,490), B2 (4000,300) as shown in
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Figure 3.10. In order to confirm the LMM creep rupture limit for a given rupture time
of 100 khrs by the step-by-step analysis, both the original yield stress and the revised
yield stress (determined by the minimum of the creep rupture stress and the original
yield stress of material) are adopted.

Figure 3.10: Verification through step-by-step analysis of the a) LMM creep rupture limit for a
two pipe structure by comparing the b) plastic strain histories.

By comparing plastic strain histories for these cyclic load points (Figure 3.10b)
calculated by the step-by-step analysis, it can be seen that all cyclic load points exhibit
shakedown behaviour when adopting the original yield stress except for load point B1 ,
which shows a ratchetting mechanism. Instead considering the revised yield stress,
cyclic load points C1 , C3 and B1 show a non-shakedown behaviour (Figure 3.10b), the
cyclic load points C2 , C4 and B2 which are just inside the creep rupture limit curve
show a shakedown behaviour. These significant mechanism changes between cyclic load
points C1 /C3 /B1 and C2 /C4 /B2 confirm the accuracy of the calculated creep rupture
limit interaction curve for a given rupture time of 100 khrs. As for the plate with a
hole problem, in this example creep effect also depends on the operating temperature,
and for temperatures below 480◦ C creep does not occurs (Table 4). For this reason
both cyclic load points B1 and B2 with a temperatures below 480◦ C have identical
plastic behaviour using either the yield stress or the revised yield stress. It can be
further identified from Figure 3.10b that in load case (a) for axial load up to 900 N the
creep rupture limit is very close to the shakedown limit, and the failure initiates in the
shorter pipe (highlighted in red) due to the dominating cyclic thermal load instead of
the constant mechanical load. In this case due to the applied cyclic thermal condition,
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creep takes effect only on the longer pipe, which is however still capable of bearing
higher load under such a loading conditions comparing with the shorter pipe. For
this reason creep does not affect the plastic behaviour of the shorter pipe significantly
for low axial forces and internal pressures, which makes the creep rupture limit close
to the shakedown limit. Instead for higher axial forces and internal pressures, the
failure mechanism switches to the longer pipe (highlighted in red), and the difference
between the shakedown and creep rupture limits is much more significant. In order
to further investigate the effect of different high temperature condition on the creep
rupture, the cyclic thermal load case (b) is also calculated the proposed method, and
the corresponding shakedown and creep rupture limit interaction curves for different
allowable times to creep rupture are presented in Figure 3.11.

Figure 3.11: Shakedown limit (continuous line) and creep rupture limit diagrams at different
time to rupture for a two-pipe structure (case b).

In this case failure occurs in the shorter pipe (highlighted in red) for an axial force
up to 3500 N , where the failure of the shorter pipe is dominated by the creep rupture
due to the applied high temperature on it. As expected, comparing with the shakedown
limit, the applied cyclic thermal load on the shorter pipe causes a significant reduction
in the creep rupture limits of a two-pipe structure. Instead when axial force is higher
than 3500 N and temperature is above 500◦ C failure initiates in the longer pipe due
to the larger internal pressure on it.
During the creep rupture limit calculation, convergence issue was emerged for high
temperature loading points, which make the creep rupture limit load multiplier fluctuating even after numerous increments. During this iterative analysis, the convergence of
the algorithm is supposed to reduce the creep rupture limit multiplier at each iteration,
which leads to a same reduction in the applied temperature. However this temperature
reduction will increase the creep rupture stress and the revised yield stress, which in
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turn increases the creep rupture limit multiplier in the next iteration. This will inevitably cause a fluctuation on the calculated creep rupture limit multiplier as shown
in Figure 3.12.

Figure 3.12: a) Convergence plot of creep rupture limit for the two-pipe structure at rupture
time equal to 100 khrs for a pure reference thermal load, b) Convergence plot of temperature and
revised yield.

Furthermore, in this two-pipe structure the temperature has no gradient through the
pipe thickness and it is scaled uniformly across the entire structure. This implies that
the algorithm is largely sensitive to the temperature changes, enhancing the creep limit
multiplier oscillation. To solve this convergence problem, during each iteration a new
scaling factor is calculated using the mean of previous creep rupture limit multipliers
determined by the last two iterations, and it is used to scale temperature, and the
associated thermal stress field. In this way the oscillating behaviour is damped and
with few iterations convergence is reached as shown in Figure 3.12a. In order to ensure
the convergence speed and avoid an excessive damping due to the introduction of such
a scheme, this numerical treatment is only applied when the oscillations are observed.
The actual convergence condition after this treatment is presented in Figure 3.12b,
which shows a large oscillating behaviour of the creep rupture limit multiplier, revised
yield stress and scaled temperature during the first 10 iterations. However, after 10
iterations, the oscillating behaviour is damped and the creep rupture limit multiplier
converges after 15 iterations.

3.6

Conclusions

This chapter presents a new method for creep rupture stress calculation based on limited creep rupture experimental data in the creep rupture limit assessment, which is
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developed within the Linear Matching Method Framework. The approach developed
demonstrated to be more reliable than the previous one, and capable of better modelling
creep rupture data. Three distinct approaches including linear interpolation, polynomial interpolation and Larson Miller parameter are considered for interpolation and
extrapolation of creep rupture stresses. It has been identified by an initial investigation
using fictional rupture stress data that the Larson Miller approach is the most robust
and reliable in interpolating and extrapolating creep rupture stress among these three
methods, especially when fewer rupture stress experimental data points are available.
The numerical example consisting of a 3D plate with a hole is used for benchmarking
purposes. The creep rupture limits obtained by the proposed approach match with the
results from previously published work. It can also been observed that the creep rupture
limit interaction curve exhibits three distinct mechanisms, depending on the magnitude
of the applied constant mechanical load. The three observed mechanisms are local creep
rupture, global creep rupture and global ratchetting mechanism.
A second numerical example investigates creep rupture limits of a two-pipe structure considering two loading cases. Both shakedown limit and creep rupture limits for
different rupture times are calculated for these two loading cases, which show a remarkable distinction in the creep rupture limit interaction diagram. In the first case for an
axial load up to 900 N the failure starts from the shorter pipe due to a reverse plastic
mechanism. For a higher axial load the failure is always located at the longer pipe exhibiting a global creep rupture mechanisms. In the second case where the cyclic thermal
load is applied to the shorter pipe, the difference between shakedown limit and creep
rupture limit is remarkable, and the failure mechanism is located at the shorter pipe
for axial load up to 3500 N . This example demonstrates how creep rupture can affect
the same structure in different ways due to the different temperature load conditions.
The initial convergence problem due to the fluctuation of the revised yield stress
and scaled temperature is solved by introducing a damping factor during the scaling
process when a fluctuation of the creep rupture limit multiplier takes place. The further convergence study shows that with the proposed numerical scheme the oscillating
behaviour is damped within the limited number of iterations and the creep rupture
limit multiplier converges quickly. The accuracy of the obtained creep rupture limits is
also verified by the detailed step-by-step analyses, which are further used to investigate
the interaction between the different failure mechanisms.

Chapter 4

Study of creep-fatigue crack
initiation by LMM
4.1

Introduction

One of the most crucial concerns in assessing structures operating at high temperature
and subjected to cyclic load is the estimate of the number of service cycles to initiate
a crack. This information is relevant for two reasons. First, the accurate estimate of
the cycles to initiate the crack is required to minimise the downtimes and improve the
safety of the plant. Second, the accurate prediction of the location allows for better
inspection planning and maintenance outages. Furthermore, if the location of the crack
is not accessible, more sophisticated inspections can be planned, even before the start
of plant operations.
This assessment is done, as it has been discussed in chapter 2, by using rule-based
methods. However, these methods do not rely on full creep and fatigue modelling and
do not directly consider their interaction. In many cases, especially for a new design
or new operating conditions, they may produce overly conservative results. Engineers
have two choices, proceed with more detailed inelastic finite element analyses or perform
tests to validate the results obtained from the design code. In many cases, this latter
option is very expensive, and not always practicable due to the long term testing that
creep and fatigue involve. The traditional incremental finite element analyses provide
a very good degree of accuracy but they have a low efficiency and they are not versatile
due to the necessity of many material parameters.
Conversely, The LMMF, reviewed in chapter 2, is capable of assessing different
structural integrity aspects including the crack initiation assessments of an un-cracked
body by adopting the extended Direct Steady Cycle Analysis (eDSCA). In this chapter,
the eDSCA is presented in a very detailed way, and two case studies are provided
to further test and develop the method. Two numerical models are considered, the
Representative Volume Element (RVE) of a Metal Matrix Composite and a Dissimilar
Metal Weld (DMW) pipe intersection. Both case studies are very complex and offer the
possibility to fully demonstrate the capabilities of the LMM. Furthermore, thanks to
the large number of results, several insights on creep-fatigue interaction are discussed.
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Numerical procedure for creep-fatigue assessment
An extended Direct Steady Cycle Analysis considering creep

In the present work an extended procedure of the LMM Direct Steady Cycle Analysis
(DSCA) is adopted to evaluate the low cycle fatigue response with creep dwell. As in
other works the LMM procedure requires as input a series of linear elastic solutions,
generated at discrete time points within the cycle where a significant stress range occurs
and hence the most relevant plastic strain. This strategy is quite important concerning
efficiency because it saves computing time by targeting the steady state cycle directly
and neglecting insignificant loading conditions. These are assumed to lie in the von
Mises yield surface, comparing with other cycle-by-cycle analysis methods which must
consider the entire load history.
The aim of this extended DSCA procedure is to calculate the cyclic stress history
at the steady state due to the accumulation of the residual stress field by either plastic
or creep responses. The associated inelastic plastic or creep strains are also evaluated
for the steady state load cycle. The extended DSCA procedure is based on a series of
iterative cycles which are defined as m = 1, 2... M. Within each iterative sub-cycle,
there will be a series of increments N, corresponding to each time points within the
cycle ranging from n = 1, 2... N. Each individual varying residual stress ∆ρrij (x, tn )m
e (x, t ) at sub-cycle m will be calculated by the
associated with each elastic solution σ̂ij
n
extended DSCA procedure in an iteratively way [19, 53]. Upon reaching a converged
solution, the constant residual stress can be determined by;

ρ̄ij (x) =

M X
N
X

∆ρrij (x, tn )m

(4.1)

m=1 n=1

The accumulated residual stress for nth load instance at mth cycle of iterations can
be defined as;

ρrij (x, tn )m

=

m−1
N
XX
k=1 n=1

∆ρrij (x, tn )k

+

n
X

∆ρrij (x, tk )m

(4.2)

k=1

A flowchart of the LMM extended DSCA procedure is presented in Figure 4.1, which
shows how to evaluate steady state plastic and creep behaviours of structures in an
iterative way. For the load instance tn without creep dwell period, the plastic strain
amplitude ∆εpij (x, tn ) can be calculated by;
∆εpij (x, tn ) =



1
σ̂ij (x, tn )0 + ρrij (x, tn )0
2µ̄(x, tn )

(4.3)

where notation ( 0 ) refers to the deviator component of stresses and µ̄ is the iterative
shear modulus. When adopting the Ramberg-Osgood (RO) material model, this plastic
strain amplitude can be used to update the iterative yield stress. For the load instance
with creep dwell period , the effective creep strain can be calculated by equation (4.4)
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when considering a time hardening creep constitutive equation (17) in [53].

∆ε̄c =

B(n − 1)∆tm+1 (σ̄s − σ̄c )
1
1
( σ̄n−1
− σ̄n−1
)(m + 1)
c

(4.4)

s

where B , m and n are the creep constants of the material. σ̄c denotes the creep
flow stress, which is the sum of the start-of-dwell stress σ̄s and the residual stress ∆ρrij
induced during the dwell period. The creep flow stress can be evaluated by equation
(25) in [53], using the information of the creep strain rate at the end of dwell time,
which is calculated by equation (23) and (24) in [53]. The calculation of the residual
stress ∆ρrij at each increment is through the solution of a formulated linear problem
(10). When the procedure is completed the residual stress field is obtained and the
iterative shear modulus µ̄m (x, tn ) is updated at each sub-cycle for each load instance
by adopting the linear matching equation;

µ̄m+1 (x, tn ) = µ̄m (x, tn )

σyR (x, tn )m


σ̄ σ̂ij (x, tn ) + ρrij (x, tn )m



(4.5)

where µ̄m (x, tn ) is the iterative shear modulus at the sub-cycle m for nth load
instance. σyR (x, tn )m is the iterative von-Mises yield stress for RO material model or
yield stress for the Elastic Perfectly Plastic (EPP) material model at load instance tn .
This yield stress σyR (x, tn )m will be replaced by creep flow stress σ̄c when considering a
load instance involving creep relaxation due to the introduced dwell period. At the end
of each sub-cycle, the convergence will be checked. If the convergence criterion is not
satisfied a subsequent sub-cycle starts, otherwise the results are outputted to provide
all the crucial parameters for creep fatigue assessment.
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Figure 4.1: Flow chart illustrating the LMM extended DSCA numerical procedure.
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Once the whole procedure shown in Figure 4.1 is converged the creep fatigue life
of any component subjected to a cyclic thermal and mechanical load can be evaluated.
All the required parameters for the assessment can be estimated from the steady state
cyclic response obtained, using the procedure depicted in Figure 4.2 and it is based
on the procedure developed by [77]. The fatigue and creep damage are calculated
separately by the accurate evaluation of total strain range, stress at the start of creep
dwell, stress drop, creep strain rate and creep strain accumulated during the dwell.
However, the interaction between creep and cyclic plasticity is considered during the
saturated hysteresis loop calculation. Furthermore, compressive and tensile creep dwells
are identified in order to not introduce produce overly conservative assessments. It
worth noting that the creep and fatigue damage models can be modified, depending on
the standard required.

Figure 4.2: Creep fatigue assessment procedure adopted for crack initiation assessment. 1)The
saturated hysteresis loop is characterised by the eDSCA, 2) the total strain range is used to
estimate the number of cycle to failure due to fatigue and the associated damage per cycle, 3) the
creep dwell is assessed determining the damage per cycle, 4) the total damage is calculated.

4.3
4.3.1

On the creep-fatigue interaction of Metal Matrix Composites
Overview on the Metal Matrix Composite

The increasing demand for machines operating at a high level of efficiency requires
high operating temperatures, and for particular application also a light weight design.
Metal Matrix Composites (MMCs) are composite materials which are capable of delivering the requirements mentioned above. Different types of reinforcement can be
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introduced into the metal matrix, including randomly dispersed particles, short fibres
and homogeneously aligned long fibres. This work is concentrated on the latter type of
reinforcement, which has a high strength in the fibre direction and low weight ratio as
well. However, these advantages are seriously downsized by creep behaviour, thermal
fatigue, manufacturing processes and environment problems like oxidation [78]. Especially creep-fatigue behaviour becomes an area of research interest, due to the lack
of a unified and universal method to assess it, although different standard codes were
developed for the assessment of the creep-fatigue life of a high-temperature component,
including ASME BPV code and UK R5 [3, 4].
When creep is present, the structures response to a cyclic loading condition changes
dramatically [52, 53, 68], for the low-temperature case. Due to the induced residual
stresses by creep and plasticity, a closed stress-strain cycle may be formed when the
reverse plastic strains completely recover the inelastic strain created during loading and
creep dwell periods. With this situation, the lifetime of the MMCs is dominated by the
combined damages from cyclically enhanced creep and increased fatigue by the stress
relaxation during the dwell period. Alternatively, the hysteresis loop may become nonclosed if the creep strains become too large for the reverse plastic strains to recover or
vice versa. This leads to a critical failure mechanism called creep ratchetting, which is
similar to the plastic ratchetting, for both the inelastic strain will be accumulated during
each load cycle. However, the accumulation of inelastic strain for creep ratchetting is
driven by either the creep strain or stress relaxation during the dwell period. In order to
evaluate creep-fatigue interactions and combined damages of MMCs under cyclic load
and high-temperature condition, various factors that affect creep and fatigue behaviours
of composites need to be investigated, including effects of the applied cyclic load level,
dwell period and temperature on the MMCs performance. Numerical simulations and
modelling of fibre or particle reinforced aluminium based MMC have been performed
by many researchers [79–87], in particular for the low cycle fatigue damage due to the
cyclic plasticity, and creep rupture under the high-temperature condition. Traditional
Finite Element Analysis was adopted, using for each case the most suitable material
model, able to fit the experimental results. The micro-mechanical model was also used
to study the size effect of fibre or particle on the MMC response. The Linear Matching
Method (LMM), as a powerful Direct Method for the shakedown and ratchet analysis,
has been used to investigate the shakedown and ratchetting response of fibre [88] or
particle [8] reinforced MMC. However, very little research focused on the numerical
modelling of creep-fatigue interaction into MMC has been done, and considerable efforts
are necessary when simulating different interacting mechanisms.
The LMM has been recently extended for the evaluation of fatigue-creep interaction
and validated by [53] and further used for a more practical application, i.e. creep fatigue
life assessment of weldment [89, 90]. But despite this, no study on the creep-fatigue
interaction of MMCs was performed by using the LMM. Therefore, the aim of this
research study is to adopt the latest extension of the LMM to evaluate the steady
state cycle response of a silicon carbide fibre reinforced 2024T3 aluminium alloy based
MMC, subjected to a cyclic thermal and mechanical load with a creep dwell between
the loading and unloading phase. The interaction between all the failure mechanisms
as mentioned earlier is described and investigated for different loading conditions. This
work is intended to be a general and fundamental attempt in understanding the microstructural response to high-temperature environment and cyclic loading.
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Metal Matrix Composite numerical model

A long fibre reinforced MMC is analysed in this work. Due to the periodic dispersion of
the fibres in the matrix, a unit cell can be identified for the micro-mechanical modelling.
The MMC unit cell is subjected to a constant mechanical load on the right external
face and uniform cycling temperature from 0 to θ0 in the body (Figure 4.3). The creep
effect on the cyclic behaviour of MMC is investigated by introducing a dwell period at
each load cycle as shown in the Figure 4.3. Due to geometric symmetries a quarter of
the unit cell is adopted with two planes of symmetry applied as boundary conditions,
in addition to the plain condition on the two external faces to introduce the periodic
constraints.

Figure 4.3: a) Finite element model of the MMC unit cell and b) applied loading history.

The mesh is composed of 1039 8-node biquadratic plane strain quadrilateral elements, with a reduced integration scheme. The model is composed of two parts, a left
corner spherical fibre and a surrounding metal matrix (Figure 4.3). Due to the interaction between the fibre and the matrix a refined mesh is adopted in the ”Interaction
Boundary” where the failure mechanisms are mostly expected. The material properties
for both the matrix and fibre are reported in Table 4.1. Creep behaviour is evaluated
Table 4.1: MMC material properties.

E [MPa]
ν
α
σy [MPa]

Al2O3 Fibre
450000
0.15
4 · 10−6
10000

Al 2024 T3 Matrix
73000
0.33
2.3 · 10−5
345

using a time hardening creep constitutive relationship;
n

ε̇cr = A · σ · tm

(4.6)

where n is the stress exponent, m is the time exponent for the primary creep stage and
A is the power law multiplier. Creep is considered only for the matrix and the data for
tensile creep is taken from [91] and reported in Table 4.2.
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Table 4.2: Creep parameters A, n and m for 2024T3 aluminum alloy.

A
n
m

150◦ C
0.763 · 10−12
3.246
-0.303

175◦ C
3.461 · 10−12
3.299
-0.573

200◦ C
4.079 · 10−12
3.395
-0.535

225◦ C
5.118 · 10−12
3.5526
-0.519

In order to verify the LMM results, ABAQUS step-by-step analyses are used and
the single operating load cycle consists of three ABAQUS load steps. The first one
is a *STATIC step, which represents the loading phase where both temperature and
mechanical load are applied. Then a *VISCO step is present to simulate the creep dwell
time where mechanical load and temperature are constant. To implement equation (4.6)
during the second step a user defined *CREEP subroutine is necessary, and the timehardening formulation is adopted. The third step is a *STATIC step representing the
unloading phase, where the mechanical load is constant and the temperature goes to
zero.

4.3.3

Effect of creep dwell on hysteresis loop

In order to provide a benchmark to define reasonable cyclic load conditions for the
creep fatigue assessment of MMC, a shakedown limit interaction curve was calculated
as shown in Figure 4.4 by using the LMM shakedown analysis method, where a reference
uniform cycling temperature range from 0◦ C to θ0 (where θ0 = 200◦ C) is applied over
the entire model. The ordinate and abscissa axes in Figure 4.4 show the temperature
and mechanical load, normalised to the reference temperature 0◦ C and yield stress (345
MPa) of matrix respectively.

Figure 4.4: Shakedown limit for the MMC under constant mechanical load and cycling thermal
load.

The adopted LMM analysis is also able to estimate the overall failure mechanism of
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MMC including the most critical location, by showing the contour of cyclic plastic strain
range. Figure 4.5a shows the cell response to a cyclic load point at (0.7, 1.0) (Figure
4.4), whereas Figure 4.5b corresponds to the limit load. It is clear from Figure 4.5 that
the ”Interaction Boundary” is the most critical location, and this will be the location
where the fatigue and creep damage will accumulate, ultimately initiating cracking in
the matrix. The evaluation of creep-fatigue behaviour of MMCs is performed by a series
of analyses considering six cyclic load points inside the shakedown limit: A1 (0.25,0.875),
A2 (0.25,1.125), B1 (0.7, 0.875), B2 (0.7,1.125), C1 (0.5, 0.875) and C2 (0.5,1.125) as shown
in Figure 4.4. If without creep effect, all these cyclic load points within the shakedown
limit should exhibit shakedown behaviour only. The aim of our analysis is to investigate
how the cyclic behaviour of MMC changes with creep response due to the introduced
high-temperature dwell period. To understand the creep-fatigue interaction, each load
point is evaluated for different dwell times 1, 100, 1000 and 10000 hours, respectively.

Figure 4.5: Effective plastic strains at different cycling load points.

Four hysteresis loops are generated and presented in Figure 4.6 for cyclic load points
A1 and C1 , where the blue and red line correspond respectively to a dwell time of 1
hour and 100 hours at 175◦ C. For a dwell time of 1 hour, the closed hysteresis loop
is present only for A1 , instead for C1 a small total strain increment is present. Creep
affects both cases and enhances the unloading plasticity, but no plastic straining occurs
during loading due to the overall stress level since it is below the yield. The loop
shape changes when a larger dwell time is considered and non-closed loop behaviour is
observable also for A1 . In Figure 4.6, the accumulation of total strain is entirely driven
by the creep strain. Under such conditions, the damage caused by creep is necessary
even for a low-level primary load as seen for load point A1 .
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Figure 4.6: Response of the steady state stress-strain path at location with the maximum plastic
strain for different dwell time for load points A1 and C1 .

Figure 4.7: Response of the steady state stress-strain path at location with the maximum plastic
strain for different dwell time for load points A2 and C2 .
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Figure 4.7 shows the MMC response to the cyclic load points A2 and C2 for different
dwell times at 225◦ C. The load point A2 with smaller mechanical load also exhibits
a closed loop for a 1 hour dwell time (blue line) as the load point A1 (Figure 4.6),
but with a larger strain range due to the higher thermal load applied. Conversely load
point C2 with larger mechanical load shows a small creep ratchetting mechanism even
for 1 hour dwell time. Furthermore, for cyclic load point C2 a small plastic strain also
accumulates during the loading phase. Such behaviour is due to the larger mechanical
load and the accumulated residual stresses during the cycle which lead some regions to
yield also during the loading phase. For the 100 hours of dwell time both loading points
behave in a similar way, where creep ratchetting become the dominant mechanism.
To have a complete overview of structure response to such cyclic loading conditions,
cyclic load points B1 and B2 (Figure 4.4) are investigated and the corresponding stressstrain responses at the steady state are presented in Figure 4.8. For both dwell times,
both points B1 and B2 show the plastic loading phase and creep ratchetting behaviour
due to the very large mechanical load. However point B2 has a higher strain level due
to the higher temperature of 225◦ C applied. When the dwell time is increased from 1
hour to 100 hours, creep strain is increased significantly for both load points, and more
significant creep ratchetting mechanism is present.

Figure 4.8: Response of the steady state stress-strain path at location with the maximum plastic
strain for different dwell time for load points B1 and B2 .

The detailed effects of different creep dwell times on plastic strains for both cyclic
loads points B1 and B2 are reported in Figure 4.9. Figure 4.9a and Figure 4.9b show
the plastic strain range during loading phase for point B1 and B2 respectively, which
involves a small and localised area in the ”Interaction Boundary”. When the creep
dwell time is increased the plastic region does not increase significantly and still highly
localised, but with a greater plastic strain magnitude. For point B2 with a higher
temperature of 225◦ C the plastic region becomes bigger and also slightly increases for
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longer creep dwell. A similar trend is shown by Figure 4.9c and Figure 4.9d for cyclic
load points B1 and B2 respectively, where the plastic strain at unloading phase is
reported.
Both figures confirm the major plastic damage occurs at the unloading phase and
involves a quite large area of the matrix. The increase of both the dwell time and
the thermal load enhances such behaviour significantly by dramatically increasing the
plastic strain magnitude as shown in Figure 4.9c and Figure 4.9d. For both load points
B1 and B2 , the creep ratchetting behaviour becomes very significant as it is enhanced
by the high level of primary load. Dwell time is also crucial for the cell response to the
cyclic load

Figure 4.9: Effect of dwell time on plastic strain increments at loading and unloading for cyclic
load points B1 and B2 .

All the results confirm that creep ratchetting mechanisms are affected by two key
parameters, dwell time and the primary load level. The analyses performed for cyclic
load case A1 and A2 showed a closed hysteresis loop. The increase of dwell time
drastically changed the MMC response, introducing an evident creep strain accumulation even for such cases. In order to confirm the importance of the primary load
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on the creep ratchetting behaviour, the pure cyclic thermal load case is investigated,
i.e.. σσPy = 0.0 θθ0 = 1.0 This loading condition is investigated by considering varying
dwell times from 1 hour to a maximum of 10000 hours. The calculated hysteresis loops
for different dwell times are shown in Figure 4.10. It is evident that when there is
no primary load, despite the increase of creep dwell, the secondary thermal load is
not capable of causing creep ratchetting in the MMCs. However, the increase of dwell
time enhances the creep strain and the stress relaxation during the dwell period and
consequentially enhances the plastic behaviour during the unloading phase. This will
inevitably increase the total strain range of the closed hysteresis loop until a limiting
state is reached, where all thermal stresses are fully relaxed to zero, no further creep
strain is induced, and hence there is no additional enhancement of reverse plasticity
during the unloading phase. As presented in Figure 4.10, when there is no primary
load, the creep strain occurred during the dwell period will be fully recovered by the
plastic strain during the unloading phase, leading to a closed hysteresis loop.

Figure 4.10: Response of the steady state stress-strain path at location with the maximum
plastic strain for different dwell times.

In Figure 4.11 an overview of the stress fields at the end of creep and unloading
phase for different dwell times is presented. Due to the material mismatch, at both
loading phases, the highest stress of matrix develops around the fibre, starting from
the ”Interaction Boundary”. When the creep dwell is increased, a significant stress
relaxation occurs and the affected area becomes larger. Longer dwell time allows a
wider area to yield during the unloading phase, as shown in Figure 4.11. The increase
of creep dwell also causes higher plastic strain during unloading, and such mechanism
makes the size of the hysteresis loop larger.
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Figure 4.11: Effect of dwell time on stress levels at the end of creep and unloading phase
respectively. The progressive relaxation of secondary stress induced by creep enhances the reversed
plasticity producing a substantial increase of the fatigue damage at the interface between the
matrix and the fibre.

4.3.4

Further studies on the effect of creep dwell on hysteresis loop
and verification

To further understand the effect of dwell time on the cyclic response of MMC, the
plot of magnitudes of maximum plastic strain increments during loading and unloading
phases against the applied dwell time is presented in Figure 4.12a. The plot of maximum
creep ratchet strain (i.e. the accumulated inelastic strain) per cycle against the applied
dwell time is given in Figure 4.12b. It can be seen clearly from Figure 4.12a that
when the applied dwell time is more than 1000 hours, the plastic strain magnitudes at
both loading and unloading phases nearly keep unchanged. This behaviour occurs as
the creep stress at the end of the dwell period reaches a steady state. By this point,
the creep stress cannot relax anymore and the plastic strain magnitude during the
unloading phase cannot increase with the further increase of the dwell time. However,
it is observed from Figure 4.12b that the maximum creep ratchet strain almost increases
linearly with the dwell time when the applied dwell time is more than 1000 hours. This
highlights the effects of creep dwell time on both the shape of the hysteresis loop, and
the creep-fatigue life of the MMC. For a long dwell time, creep damage dominates and a
creep ratchetting mechanism occurs. This highlights the importance of the dwell time
for the life assessment of component operating under such loading conditions, even
when the operated loading condition is below the shakedown limit.

CHAPTER 4

STUDY OF CREEP-FATIGUE CRACK INITIATION BY LMM

76

Figure 4.12: a) Plastic strain increments and b) Creep ratchet strain per cycle against dwell
time at cyclic loading point B2 .

During the dwell period, both the stress relaxation and creep strain accumulation
are observed for MMC. This is related to a phenomenon called elastic follow-up and is
typically quantified by an elastic follow up factor Z, defined by the ratio of the creep
strain increment to the elastic strain increment during stress relaxation. Under constant
displacement loading, the stress relaxation results in no change in the total strain, as
creep strain replaces elastic strain with time, where Z=1. The elastic follow-up factor
is known to be influenced by loading conditions, and larger primary loads combined
with long dwell times produce larger Z. For the MMC investigated, the detailed elastic
follow up factors at the location of maximum creep strain for different dwell times and
4 considered cyclic load conditions are presented in Table 4.3. This shows how the
magnitude of the primary load affects the Z factor. When the MMC is subjected to
a low mechanical load (A1 A2 ) only moderate increases occur when the dwell time is
increased, whereas radical changes are observed when the primary load is increased (B1
and B2 ).
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Table 4.3: Values of elastic follow-up factor at location with maximum creep strain, for different
loading conditions and creep dwell times expressed in hours.

Load point
A1
B1
A2
B2

Z δt = 1
2.45
7.65
1.72
11.4

Z δt = 100
2.91
22.8
2.35
60.4

Z δt = 1000
3.80
51.8
3.77
159

Z δt = 10000
6.15
128
8.04
441

Figure 4.13: Comparisons between LMM and ABAQUS step-by-step analysis for strain increments at loading, creep and unloading phase.

In order to verify the LMM results a direct comparison with the ABAQUS stepby-step analyses is performed. Three quantities are considered in the verification procedure, the creep strain increment (εc ), the plastic strain increment at loading (εL
p)
U
L
and the plastic strain increment at unloading (εp ). Direct comparisons of contours
and magnitudes of these plastic and creep strains obtained by the LMM and ABAQUS
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step-by-step analyses are given in Figure 4.13 and Table 4.4, respectively, and a perfect
agreement is observed. It is evident that the LMM is capable of producing accurate
solutions to estimate the cyclic response of MMC to the applied cyclic load condition
with creep dwell. Furthermore, it is worth noting that the LMM creep-fatigue analysis
is much more efficient than the standard ABAQUS step-by-step analysis procedure.
Based on a standard PC, the computational CPU cost to solve one cyclic loading case
for any the dwell time required by the LMM analysis is approximately 149 seconds (150
total increments). Conversely, the ABAQUS step-by-step analysis needs 792 seconds
(810 total increments) and 1268 seconds (2600 total increments) for 1 hour and 10000
hours dwell times respectively. This comparison verifies the efficiency superiority of
LMM.
Table 4.4: Comparison between LMM and Step-by-Step Abaqus analyses, for different cyclic
loading points.

εL
p
Load
point
A1
B1
A2
B2

4.3.5

LMM
0
2.26 · 10−3
0
5.72 · 10−3

L
εU
p

εc
ABAQUS
0
2.01 · 10−3
0
5.15 · 10−3

LMM
2.21 · 10−4
1.76 · 10−3
1.20 · 10−3
3.22 · 10−3

ABAQUS
2.53 · 10−4
1.74 · 10−3
1.25 · 10−3
3.14 · 10−3

LMM
1.80 · 10−4
3.70 · 10−3
1.13 · 10−3
8.57 · 10−3

ABAQUS
2.00 · 10−4
3.51 · 10−3
1.20 · 10−3
8.15 · 10−3

Discussions on MMC damaging and response to the cyclic load

Among the six cyclic loading points shown in Figure 3, the most critical one is B2 .
Hence for this loading point a complete cell view is presented in Figure 4.14a and
Figure 4.14b for the discussion. In previous sections it is well established that creep
dwell time affects dramatically the structure response, due to the stress relaxation and
redistribution, which are particularly damaging and responsible for the plasticity during
the unloading and loading phase when the primary load level is high enough. Figure
4.14a shows the stress distribution at the end of the creep dwell for two cases, 1 hour
and aluminium alloy metal matrix composite 1000 hours of dwell time. The associated
residual stress during the creep dwell makes it possible to yield regions which normally
dont exhibit a plastic behaviour. This is highlighted by Figure 4.14b where the plastic
strain increment at unloading phase is reported. Both the plastic strain magnitude and
area at unloading phase largely increases by longer dwell times. Due to the transverse
direction of the mechanical load, the reinforcement fibre does not improve the tensile
strength of MMC significantly under such load condition, which is the most critical
load condition the structure may experience. The most dangerous mechanism shows
plasticity in both loading and unloading phase. In such condition creep and creep
ratchetting become extremely damaging when the dwell time increases.
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Figure 4.14: a) Effect of dwell time on the stress distribution for the complete unit cell at the
end of creep dwell, for cyclic load point B2 , b) Effect of dwell time on the plastic strain increment
of the complete unit cell during unloading phase, for cyclic load point B2 .

The effect of dwell time on the strain evolution is presented in Figure 4.15, where
the plastic and creep strains contours are shown for different dwell times. The loading
phase is not affected by the increase of the dwell duration because it starts after the
tensile peak. Instead, the unloading phase is remarkably enhanced by the increase of the
creep dwell, which increases the stress drop at the most critical location, and enhances
the reverse plasticity by increasing the total strain range. Furthermore, the creep strain
increases remarkably over the different dwells analysed. For this particularly dangerous
cyclic loading condition (B2 ), the matrix experiences a large stress redistribution during
the creep dwell and also a high level of stress during both the creep and unloading phase
(Figure 4.16). Such a high level of stress makes the creep damage dominant for dwell
times up to 1000 hours. Instead for dwell time up to 10000 hours classical monotonic
creep rupture occurs. The creep rupture failure always initiates in the interface area but
rapidly involves the entire surrounding matrix. Then it is not capable of withstanding
the applied load condition, and a fast increase of the creep strain is expected due to
the increasing creep damage. It is important to underline that these failure analyses
are performed within the shakedown limit. Without the presence of the creep dwell,
none of those above failure mechanisms can be observed.
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Figure 4.15: Strain contours at loading, creep and unloading for a uniform cycling temperature
σ0 = 225◦ C and a constant mechanical load σP = 241.5 MPa for different dwell times.

Figure 4.16: Stress contours at end of the creep dwell and unloading phase for a uniform cycling
temperature σ0 = 225◦ C and a constant mechanical load σP = 241.5 MPa for different dwell
times.
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Creep ratchetting failure in the MMCs

Creep ratchetting is a dangerous mechanism, which can interact with creep and fatigue
and it may become dominant. Figure 4.17 shows the creep ratchetting interaction
diagram, which is useful to understand the response of the micro-structure. The creep
strain and net plastic strain, which is the difference between the plastic strain at loading
and unloading phase, are displayed on the vertical and horizontal axes respectively.
Closed loop is possible only if the creep strain is fully recovered from the net plastic
strain. However, this closed loop condition is remarkably affected by both the dwell
time and the stress relaxation. The closed loop limit can be represented by a 45-degree
line as shown in Figure 4.17. The cyclic loading points A1 , B1 , C1 are investigated for
increasing dwell times. Only for short hold period, a closed loop is possible especially
for high mechanical load level (up to 1 hour). Otherwise, the results diverge on the
upper part of the limit (Figure 4.17). This means that the creep-ratchetting mechanism
is creep strain dominated.

Figure 4.17: Creep ratchetting interaction diagram for different cyclic loading points (Figure
4.4) at increasing creep dwells

If the saturated cycle is an open, the number of cycle to failure due to the creep
ratchetting can be evaluated using the strain based equation [54], which is characterised
by the ratio between the tensile strain to fail and the calculated ratchet strain per
cycle. The creep ratchetting strains per cycle at two temperature conditions are shown
in Figure 4.18 for different mechanical loads. For both temperature conditions, it is
shown that no ratchetting occurs when the mechanical load is zero, and the increase of
this mechanism at each cycle has the same dependency on the applied mechanical load.
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The effect of temperature on the creep ratchetting strain per cycle has also been shown
in Figure 4.18 against the normalised transverse mechanical load. For a normalised
mechanical load of 0.5, the ratchetting strain per cycle increases from 0.7% to 1.4%
for the 1000 hours dwell time when the temperature increases from 150 and 175◦ C.
Despite this, it has been observed that the creep damage becomes dominant for longer
dwell time and high mechanical load, and higher temperatures enhance it.

Figure 4.18: Creep ratchetting Strain per cycle at 150 and 175 ◦ C for different transverse
constant mechanical load, normalised by the yield of the matrix.

The creep-fatigue life and creep ratchetting life against dwell time are shown in
Figure 4.19a for a cyclic temperature of 150◦ C. Up to 1000 hours, creep-fatigue life
(Ncf ) is almost independent of dwell time, and the fatigue damage dominates due to
the low temperature of 150◦ C considered, making the creep damage negligible. For
dwell times longer than 1000 hours creep damage becomes significant and competes
with the damage caused by fatigue. The number of cycles to failure calculated using
a strain ductility (Ncr ) approach are higher than the number of cycles to failure due
to creep-fatigue interaction (Ncf ) for dwell time up to 10 hours. After this threshold
of 10 hours creep ratchetting becomes dominant and causes the failure rather than the
creep-fatigue interaction. In such a case the damage is associated with a large change
in the size of cross-section area due to the material necking. A proof of this creep
ratchetting mechanism is shown in the contours presented in Figure 4.19b, where both
the plastic strain at the unloading phase (left) and the ratchet strain increment per
cycle (right) are presented. The magnitude of ratchet strain shown in Figure 4.19b is
larger than the plastic strain that occurs during the most dangerous cyclic phase. This
means that the damage caused by the creep ratchetting is more significant than the
damage produced by creep and fatigue interaction.
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Figure 4.19: a) Creep-fatigue life and creep ratchetting life against dwell time, b) contours of the
plastic strain at unloading phase and the creep-ratchetting strain per cycle for a cyclic temperature
of 150◦ C and a constant mechanical load 0.25 time the yield of the matrix.

In Figure 4.20a, the creep-fatigue life and creep ratchetting life are reported against
the dwell time for a temperature of 175◦ C. For all the dwell times studied creep
ratchetting is always less damaging than the combined damage due to fatigue and creep.
For such a cyclic loading condition the driving fatigue and creep failure mechanism is the
creep-fatigue interaction for intermediate dwell (up to 100 hours) and creep dominated
for longer dwell periods (larger than 1000 hours). Figure 4.20b presents the contours
of the plastic strain at the unloading phase and the creep ratchetting strain increment
per cycle. For this loading case, the two quantities are comparable, but the damage
caused by the creep ratchetting strain per cycle is still negligible respect to that caused
by combined damage due to the creep and fatigue interaction.
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Figure 4.20: a) Creep-fatigue life and creep ratchetting life against dwell time, b) contours of the
plastic strain at unloading phase and the creep-ratchetting strain per cycle for a cyclic temperature
of 175◦ C and a constant mechanical load 0.25 time the yield of the matrix.

4.3.7

Discussion on creep-fatigue crack initiation on MMCs

The research study presented in this chapter investigates the interactions between fatigue and creep damages of a fibre reinforced MMC subjected to a cyclic temperature and constant mechanical load by using the LMM extended DSCA with micromechanical modelling. The MMC is modelled using an idealised plain strain model,
where both matrix and fibre materials are modelled as elastic-perfectly plastic. The
time-dependent creep behaviour is modelled using the Norton-Bailey relationship.
A detailed study on MMC responses to different cyclic load points within the shakedown limit is performed. The primary load level and dwell time are confirmed to be
the two most important parameters for creep-fatigue interaction. When the dwell time
is small enough (e.g. 1 hour) a closed hysteresis loop can be observed for a low level
of primary load. Conversely when dwell time increases creep ratchetting become significant. The increasing dwell time increases the total strain range, by increasing the
plastic strain increment during unloading phase, due to the stress relaxation during
the creep dwell period. Once the steady state creep stress is reached at the end of the
creep dwell no more increase of plastic strain increment is possible. Typically for a long
dwell time (more than 1000 hours), creep ratchetting is present with an inelastic strain
accumulation at each cycle, the magnitude of which increases almost linearly with the
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dwell time. When the primary load is zero, creep ratchetting does not take place for
any thermal load level and dwell times.
In addition to these results, a discussion on the failure mechanisms is presented
for the most critical cyclic load point (B2 ), showing a full unit cell view. The main
contribution to the MMC damaging is the stress relaxation and redistribution during
the dwell period, which makes it possible to yield regions which normally don’t exhibit a plastic behaviour without the creep dwell. Overall, the life and integrity of
MMC are reduced by the combined action of creep and fatigue damages, as well as
the accumulated inelastic strain per cycle due to the creep ratchetting mechanism. At
this high level of mechanical load, dwell time has a substantial impact on the failure
mechanism. For dwell times up to 1000 hours, the creep-fatigue failure is dominated
by creep damage. Otherwise, for extremely long dwell times (up to 10000 hours), the
monotonic creep rupture occurs.
The effect of temperature on creep ratchetting is also investigated, and it has been
demonstrated that for a low temperature of 150◦ C, creep ratchetting is dominant over
the creep-fatigue interaction after a critical dwell period when a mechanical load is
applied. Conversely, at a higher temperature of 175◦ C, the damage caused by creep
ratchetting is less significant than the damage resulting from creep-fatigue interaction,
where creep and fatigue damages are comparable for dwell times between 1 and 100
hours. However at such a higher temperature condition, when the dwell period is
beyond 100 hours, creep damage dominates. The accuracy and efficiency of the LMM
extended DSCA for the evaluation of cyclic plastic creep behaviour of MMC has been
confirmed by direct comparisons with a set of ABAQUS step-by-step analyses. All the
comparisons demonstrate that LMM is capable of providing accurate solutions, with
reduced computational efforts.
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Crack initiation assessment on dissimilar weld joint
The Dissimilar weld joint problem

High-temperature structures play an important role in the power industry, due to the
increasing necessity of more efficient coal-fired [92, 93], cost competitive concentrating solar power plants [94], and for the IV generation high-temperature reactors [95].
This latter class of structures pose significant challenges, for both material science and
structure integrity. Indeed it is known that the next high-temperature reactors will
have an outlet temperature of about 700 − 850◦ C, and it is planned to be increased up
to 1000◦ C [96]. It is recognised that the interfaces between dissimilar metals and welds
are the most probable location of crack initiation. A typical dissimilar material joint is
composed of a reactor pressure vessel steel (SA508), a nickel based filler material and
a structural stainless steel (316L(N)) [97].
Crack initiation can be triggered by several phenomena, which can be categorized
into two types. The first one regards the welding process of the joint, which can be
affected by the cooling rate during the welding process, the welding technique adopted,
the weld metal composition at the fusion line where hard-brittle martensite microstructure can develops and Post Welding Heat treatment. The second one regards the
operating condition and material properties of the DMW. Thermal fatigue is typically
caused by the Coefficient of Thermal Expansion (CTE) mismatch, and by heat-up
and cool-down cycles. Moreover, if a creep dwell is introduced within the load cycle,
dangerous mechanisms can occur. The importance of creep has been highlighted by
[98], further confirming the tendency of strain to be accumulated during the creep dwell
in a localised area near the weld/steel interface. Moreover, high-temperature creep can
enhance the cyclic plasticity and in extreme case introduces an incremental collapse
mechanism known as creep-ratchetting [65].
In this subsection the previous study on ratchet limit for a pipe intersection with
dissimilar weld metal joint performed by [18] is extended to consider creep-fatigue
interaction. High-temperature fatigue and creep-fatigue interaction are investigated to
understand the impact of different loading conditions. The effects of a thermal shock
during the cycle, and creep dwell length on the failure mechanism are considered .

4.4.2

Dissimilar metal weld joint numerical model

The component is composed of a main pipe, a weld and a branch pipe showed in Figure
4.21a. All the geometry parameters are resumed in Figure 4.21b. The main pipe is
made of 316L(N) stainless steel (green), and it has a radius of 120 mm and a thickness
of 15 mm. The branch pipe is made of structural steel SA508 (grey), with a radius
of 16.5 mm and a thickness of 3.5 mm. They are connected with a nickel based weld
material (red), which has a thickness of 3.5 mm, and the face forms an angle of 45
degrees to the main pipe.
The mesh has been refined around the critical location of the weld region, leading
to a model with a total of 4038 20-nodes solid isoparametric elements with reduced
integration scheme. Due to the symmetry condition of the model, a quarter of the
pipe intersection is considered. Furthermore, both ends of the pipes are constrained to
expand in-plane.
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Figure 4.21: a) Dissimilar Metal Weld joint finite element model, b) geometry measurements of
the DMW joint expressed in mm.

Two case studies have been analysed within this work, in both the effect of thermal
stress has been assumed larger than any mechanical load. The first considers a cyclic
homogeneous high temperature across the entire component. This condition is expected
to be the most common, small temperature gradients are neglected in this study and
the temperature is expected to vary smoothly across the small thickness. Instead the
second case takes into account the effect of thermal shocks on the DMW life. For
the first case, 3 load points are considered to simulate the steady state cycle. Two of
these points are at high temperature and the third one is at room temperature. When
thermal shock is considered, a total of 4 load points are required. At the first load point,
the internal temperature is θ0 and the outer is θ0 + ∆θ. Then the entire component
is at θ0 + ∆θ. At the third one, temperature is held constant to consider the effect of
creep dwell. Finally at the fourth load point, the temperature of the entire component
returns to θ0 . Three dwell times of 1, 10 and 100 hours have been considered to study
the impact of the creep dwell.
The elastic and plastic material properties of the dissimilar weld joint are obtained
from literature [99] and are presented in Table 4.5 for a wide range of temperature. The
plastic response is modelled using the Elastic Perfect Plastic assumption. The yield
stress thermal degradation caused by the thermal gradient existing between the inner
and outer walls is considered. The steady state creep and creep rupture time caused
by the high temperature hold period are modelled by the Norton law and time fraction
rule respectively.
The Norton law coefficients and creep rupture are reported in Table 4.6 for a wide
range of temperatures and for 550◦ C respectively. However, for the IN82 more conservative creep rupture stresses are predicted at low load level as shown if Figure 4.22
(red continuous line). This is due to the lack of experimental results in the low stress
range which has been pointed out also by [98].
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Table 4.5: Elastic and plastic material properties of the dissimilar metal weld joint.

Young’s
Modulus
[MPa]
Yield
Stress
[MPa]

Temperature [◦ C]
SA508
SS 316L(N)
IN82
SA508
SS316L(N)
IN82

20
200000
195000
156000
472
262
265

150
192000
189000
147000
465
206
238

300
176671
178000
137000
430
161
212

450
158000
165000
129000
345
152
196

550
144000
156000
125000
298
149
190

600
129000
153000
123000
221
141
189

650
115000
147000
121000
142
138
180

Table 4.6: Secondary creep and creep rupture properties of the dissimilar weld joint.

A

n
Creep rupture
parameters at
550◦ C

Temperature [◦ C]
SA508
IN82
SS316L(N)
SA508
IN82
SS316L(N)
SA508
IN82
SS316L(N)

500
550
600
650
−20
−16
−12
8.99 · 10
2.67 · 10
9.25 · 10
9.40 · 10−7
−24
−16
−15
1.0094 · 10
3.94 · 10
4.47 · 10
5.08 · 10−14
−25
−19
−17
9.27 · 10
3.97 · 10
1.71 · 10
7.16 · 10−16
7.87
6.53
4.87
3.05
4
6.270
6.644
7.018
9.97
8.2
8.2
8.16
B = 1.397 · 1021 k = −8.620
tf = 0.1559 · σ 2 − 140.85 · σ + 31765
B = 1.24 · 1028 k = 9.904

Figure 4.22: Rupture curves for IN82 form ORNL research program and DMW design curve
from R6 at 550◦ C.

For this reason an extrapolation has been done in order to obtain a more realistic
rupture curve. The old creep rupture curve obtained by [100] is accurate only for
high stresses, but the strength has an abrupt decrease for low stresses. This behaviour
is not realistic compared to others design curves, such as the one obtained from R6
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for a nickel based dissimilar metal weld. A new curve is obtained using the following
equation, which replicate better the behaviour at low stress:
tf = A · e(b·σ)

(4.7)

where σ is the rupture stress, A = 989345 (hours) and b = −0.019 (MPa−1 ) are the
material parameters for the temperature considered.

4.4.3

Results for high temperature fatigue

When the temperature is imposed to vary in an homogeneous way across the entire
pipe, the most critical location is located at the interface between the weld and the
main pipe. This is due to the significant coefficient of thermal expansion mismatch. The
cyclic maximum temperature for this case is 550◦ C, and the loading cycle is represented
in Figure 4.23a. The von Mises stress during the loading and unloading is shown
in Figure 4.23b. The homogeneous temperature clearly affects, in both phase, the
area where the constraint caused by the CTE mismatch is the highest. This loading
condition is expected when the component operate in normal condition and no thermal
gradient is present. Conversely, if a very high thermal gradient is considered the results
are remarkably different. This is shown in Figure 4.24 where the von Mises history is
reported for each cyclic load point.

Figure 4.23: a) cyclic loading history of the thermal load, b) von Mises stress during the loading
and unloading phase.
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During the first stage the temperature is higher inner the component than outside.
This generates a significant level of stress in the outer part of the small pipe (Figure
4.24). However, the yield stress of the materials adopted are temperature dependent.
Due to this, when temperature becomes homogeneous the stress relaxation and redistribution occur. The outer surface, which is at high temperature, exhibits a lower yield
stress. In according with this, the stresses accumulated in the previous cyclic load point
must be redistributed. For this reason during the second phase the stresses appear to
decrease. When the unloading phase starts, stress raises at the interface between the
small pipe and the weld as shown in Figure 4.24.

Figure 4.24: von Mises stress history during the thermal loading and unloading phase, considering the thermal gradient between the internal an external face.

These different responses lead to two different failure mechanisms, which are shown
in Figure 4.25. The failure expected for thermal fatigue is located at the interface
between the weld and the main pipe, as shown in Figure 4.25a. The cycles to cause
such a failure are estimated using the fatigue life obtained from [101], and a total
of 55185 cycles are expected. This calculation does not considered any hardening of
the material and for this reason it is conservative. Figure 4.25b presents the failure
mechanism when the thermal shock affects the DMW during the first part of the loading
cycle. The location of the predicted failure is completely different and located at the
weld interface, next to the small pipe. For this case a semicircular crack is expected and
the number of cycles to fail is significantly low, 52. This latter failure mechanism has
been spotted in other real power plant components, which experienced severe thermal
cycling due to design errors or sudden changes of the operating load cycle.
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Figure 4.25: a) Failure mechanism for loading cycle without thermal shock, b) failure mechanism
for the loading cycle with thermal shock.

4.4.4

Results for creep-fatigue interaction without thermal shock

The first effect of creep dwell on the component is to enhance the reversed plasticity
through the stress relaxation. This mechanism has been described also by the recent
report for MATTER project [102], and it is found to be significant also for DMW. The
effect of stress relaxation on the hysteresis loop width can be seen in Figure 4.26a,
where the stabilized cycles are reported for pure fatigue and different dwell times. The
hysteresis loops presented are calculated at the most critical location on the outer
surface of the pipe, at the interface between the weld and the main pipe. The stress
relaxation tends to stabilize and it becomes less severe when the dwell time increase.
However, its effect on the fatigue life is significant. The fatigue damage is reported
in Figure 4.26b (blu circle) and it is dominant for dwell times shorter than 1 hour.
Contrary, a significant interaction is expected for dwell between 1 and 10 hours, where
the creep and fatigue damages are comparable. For dwell times longer or equal to 100
hours creep damage dominates and develops also in the internal area.

Figure 4.26: a) Stabilised steady state cycles and b) creep-fatigue damages and cycles to failure
at the most critical location.
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The creep strain develops mainly at the interface between the weld and main pipe
as shown in Figure 4.27a. The accumulation of creep strain is very large up to 10
hours. After this threshold it continues by a linear trend. The increase of the dwell
time introduces the known phenomenon of creep-ratchetting, which can be identified
in Figure 4.26a. For the 100 hours case a small ratchet strain can be identified, this
mechanism has been discussed by [65]. Using the creep-ratchetting diagram, shown
in Figure 4.27b, the effect of creep strain and reversed plasticity can be seen. All the
points analysed are below the closed loop limit. This means that the mechanism is
driven by the reversed plasticity. However, the accumulated plastic strain is very small
and can be neglected by adopting a more refined plastic material model. For this reason
creep-ratchetting is not considered as a damaging mechanism in this case.

Figure 4.27: a) Creep strain accumulation at the interface between the weld and main pipe, b)
creep-ratchetting interaction diagram for different dwell times.

In Figure 4.28 the predicted operating life of the DMW analysed is reported (solid
circles). For comparison purposes the experimental results reported by [98] for a DMW
made by 2.25CrMo-IN82-316L are shown in Figure 4.28 (solid square). In the same figure also three design curves are presented. The first is for 2.25CrMo-IN82-316L DMW
(dotted line), the second for 9CrMo-IN82-316L DMW (continuous double line) and
third is for IN82 weld material(continuous line). Both the design limits and the experimental results are based on pure creep test, where fatigue is not involved. However, in
this study both fatigue and creep are assessed since the applied load is not monotonic.
The fatigue damage is calculated using the total strain range obtained by the LMM.
For each integration point the total strain range is used to calculate the damage per
cycle by entering in the E-N curve. At the temperature of 550◦ C the low cycle fatigue
life of the three materials is known. If the assessment needs to be done at temperature
where this data is not available the MUSM can be used as described in subsection 2.3.1.
The calculation of the creep damage is based on the time fraction rule, using equation 2.30. The average creep rupture stress is used to calculate the rupture time.
However, the multi-axial effect needs to be considered. A procedure similar to the one
described in R5 V6 for DMW assessment has been adopted. The von Mises stress is
divided by the stress triaxiality factor. This makes possible to consider the effect of
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Table 4.7: Design curve and parameters for the DMW analysed at 550◦ C

Design curve for DMW
at 550◦ C
α0
α1
α2
α3

ln(tf ) = α0 + α1 log10 (σ) + α2 σ + α3 σ 2
18.75747
−4.424
−0.013
−8.5 · 10−5

multi-axial state of the stress, which is crucial to provide reliable results. Due to the
level of uncertainty, as suggested by R5 V6, the rupture stress is multiplied by a factor
1.25. For long dwell, the creep damage has more time to develop and dominates over
the fatigue as shown in Figure 4.27b, this kind of failure is the most likely for plant
operation.
The results obtained by the LMM for the considered DMW are comparable with
other types of dissimilar metal welds. However, a direct comparison with experimental
results based on same geometry and material is not possible due to the lack of experimental results in literature. The improved creep rupture curve for IN82 at low stress
allows to predict a more accurate creep damage. For this particular case a Creep-Fatigue
Crack Initiation curve (CFCI) can be derived. The parameters that characterize the
CFCI curve are shown in Table 4.7. By adopting the same methodology other curves
can be derived for higher temperature, and a more general formulation can be obtained
for design purpose.

Figure 4.28: Rupture curves for DMWs and single parent and weld material at 550◦ C.

4.4.5

Results for creep-fatigue interaction with thermal shock

As discussed in subsection 4.4.3, when within the load cycle a thermal shock is present,
the associated failure mechanism remarkably affects the life of the component. The
effect of creep on this cyclic loading case needs to be further investigated. By observing
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the results, the creep strain accumulates strictly into two areas. The first one is showed
in Figure 4.29, it is located outside the component and creep strain accumulates at the
interface between the small pipe and the nickel weld filler. For relatively short dwell
up to 1 hour, the creep strain accumulation is not significant. Conversely, when the
dwell time is larger than 4 hours, the creep strain starts to increase significantly. The
area affected by this creeping process is very sensitive due to the dissimilar metal weld,
and in such a location the failure is expected to be more likely to initiate. Similar
results are shown in Figure 4.30, where the creep strain accumulation at the inner
surface of the component is reported for different dwell times. Once again the creep
strain accumulates at the interface between the small pipe and the nickel-based weld.
However, to correctly estimate the component’s endurance the stress-strain history
of the most critical location needs to be presented. Due to the large thermal stress
introduced, one of the parameters chosen is the total strain range, and the second one
is the sign of the most significant principal stress range. This latter one is required to
assign the correct sign to the von Mises stress when the hysteresis loop is constructed.
This strategy has been developed by [78] for multi-axial stress problems, where the
stress direction is not easily identified. The principal maximum direction has been
observed to cause the high-stress range at the location where the total strain range is
maximum.
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Figure 4.29: Equivalent creep strain on the outer side of the component, at the interface between
small pipe and weld for different dwell times up to 10 hours.
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Figure 4.30: Equivalent creep strain on the inner side of the component, at the interface between
small pipe and weld for different dwell times up to 10 hours.

By analysing the response of the most critical location, a large stress relaxation is
observed with the increase of the dwell time. This is shown in Figure4.31a, where the
equivalent von Mises stress at the most critical location is reported at different dwell
times. The stress at the start of the creep dwell is 182.64 MPa, and in less than 5
hours it relaxes to 53 MPa. After 20 hours no significant stress relaxation occurs and
the steady state stress has been considered to be achieved. Despite this large stress
relaxation, the life of the component is not affected by the introduction of the creep
dwell. This is depicted by Figure 4.31b, where the total damage and the number of
cycles to failure have been reported against the dwell time. The estimated life reduces
with the increase of the dwell time, but this change is negligible 4.4.3.
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Figure 4.31: a) Stress relaxation at the most critical location for an increasing dwell time, b)
total damage and cycles to failure against dwell time.

This can be explained by understanding the stress state when creep occurs within
the load cycle. Due to the thermal load applied the creep dwell starts during a compressive phase, this means that no creep damage can be produced. Furthermore, the
relaxation caused by the creep dwell allows preventing additional plasticity during the
unloading phase. However, this mechanism also has the side-effect of enhancing the
subsequent loading phase. The final effect is to improve the fatigue endurance of the
DMW for short dwell and to reduce it for longer. In all the cases the failure is dominated by fatigue damage, and a transgranular cracking it is expected. The location
of the failure, shown in Figure 4.31a, is the same determined for the pure thermal
fatigue case with the thermal shock. This result is reasonable due to the severity of
the loading scenario simulated. It also highlights the importance to avoid or limit such
phenomenon within the life of the component. In this case study, the effect of thermal
stress and temperature distribution are further enhanced by the material mismatch.
The interface between the small pipe and the weld is the most affected. To validate the
results obtained a SBS analysis has been performed for the same loading case, considering a dwell time equal to 1 hour. Same material models have been used, considering
elastic-plastic-creep materials. A visual comparison between the stress field predicted
by the LMM and the SBS is shown in Figure 4.32. For each load instance considered
the stress field predicted by the LMM is very close to that one calculated by the SBS.
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Figure 4.32: von Mises stress field at different load point for the Step-By-Step and LMM analyses.
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Table 4.8: Equivalent stress and strain at the most critical location for the LMM and SBS
analyses.

LMM
SBS

LMM
SBS

LMM
SBS

Stress due to
thermal
shock [MPa]
477
472
Plastic strain
due to thermal
shock
6.144 · 10−2
6.121 · 10−2

Stress at high Stress at the end
temperature
of creep
[MPa]
dwell [MPa]
298
94.07
297
98.03
Plastic strain
Creep
at high
strain
temperature
5.718 · 10−2
5.559 · 10−3
5.733 · 10−2
5.164 · 10−3
Computational cost
[seconds]
766
14680

Stress at
unloading
[MPa]
279.1
280.4
Plastic strain
at unloading
8.557 · 10−3
8.282 · 10−3

The effect of thermal shock, material mismatch and stress relaxation are fully replicated by the LMM, demonstrating its effectiveness. Furthermore, in Table 4.8 a detailed
comparison between the LMM and the SBS is proposed. The stress and strain predicted
at the most critical location are showed for each load instance. The results predicted
by the LMM are always very close to those predicted by the incremental finite element
analysis. It worth noting that the computational time required by the LMM is smaller
than the traditional SBS. The LMM takes 766 seconds to calculate the steady state
cycle response against the 14680 required by the SBS. This important feature is made
possible by the direct calculation of the steady state cycle, which requires for this case
study 200 increments. Conversely, SBS requires more than 26800 increments to reach
the stabilised cycle. This final outcome shows the effectiveness of the eDSCA analysis
for creep-fatigue crack initiation assessment.

4.4.6

Discussion on crack initiation on DMWs

A creep-fatigue structural assessment against crack initiation has been carried out for
a dissimilar metal weld joint. The structural components are made of SA508 (branch
pipe) and SS316L(N) (main pipe), and the weld is made of a nickel filler material IN82.
The branched pipe structure is modelled using a quarter 3D model, which replicates a
real plant component. The two structural steels and weld filler are modelled adopting
the elastic-perfect plastic assumption. The time-dependent creep behaviour is modelled
using the Norton relationship.
The cyclic behaviour of the dissimilar weld joint and the associated crack initiation
process have been studied for two load cases. The first considered a homogeneous high
temperature across the entire component. The second one included the addition of a
thermal shock during the initial loading phase. For both cases, the effect of creep dwell
duration has been investigated. In all the studies done the effect of internal pressure is
neglected, due to the high thermal stress.
For the homogeneous high-temperature case the effect of the coefficient of thermal
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expansions mismatch is significant. The crack initiation for the pure fatigue case is
located at the interface between the weld and main pipe. However, when creep affects
the component the crack is predicted to initiate at an earlier stage. The fatigue damage
increases due to the creep-enhanced reverse plasticity, which tends to increase the width
of the saturated cycle. A significant interaction between fatigue and creep occurs for
dwell times between 10 and 100 hours. However, creep dominates for hold period longer
than 100 hours, leading to intergranular cracking. A design curve for the component
studied has been generated for the specific temperature of 550◦ C. The predictions
obtained are comparable with other experimental tests done on similar DMW. It worth
noting that since now, no experimental results are available in the literature for the
specific DMW analysed.
When the thermal shock is considered, the response of the structure changes remarkably and the crack initiation process drastically changes. The thermal fatigue
cracking is significantly enhanced and also the steady state response is much different.
The location of the expected crack is located at the interface between the small pipe
and the weld, in the form of a semicircular crack. When creep affects the load cycle,
results does not change for short hold period. Hence, the creep dwell starts in a compressive stress state, and no damage is directly generated. However, when the creep
dwell becomes longer it enhances the loading phase and consequentially the fatigue
damage.
The results have been verified through full inelastic analyses, and very good agreement is observed. The computational cost required by the eDSCA has been found to
be lower than standard step-by-step analysis.

4.5

Conclusions

In this chapter, the creep-fatigue crack initiation has been assessed for two problems. In
both the problems the crack-initiation process has been confirmed to be highly localised
in a small region of the component. The initiation of the crack is largely affected by
the loading history, the type of loads applied (primary or secondary) and the length
of the creep dwell. The type of crack predicted is also affected by the magnitude and
interaction of creep and fatigue damage. When fatigue damage tends to dominate for
very short creep dwell or when compressive dwell are present. In this case the crack is
predicted to start from the surface, and it is located in areas where the strain range is
the highest. It is important to underline, how the effect of stress relaxation due to the
creep dwell can drastically enhance the fatigue damage. This has been identified and
demonstrated for both the case studies, and it has been very important especially for
pure secondary load. Conversely for long creep dwells creep damage dominates, and
the location of the crack initiation can vary depending on the stress redistribution and
creep strain accumulation.
Within this work, it has been demonstrated how direct methods, such as the LMM,
can be a valuable tool for researchers. The results obtained are accurate and the level
of accuracy can be improved by adopting more refined material models. However, this
does not limit the method’s applicability especially when only reduced material data
is available. This feature is very important for initial design studies. The method is
capable of calculating both fatigue and creep damage assessing directly the steady state
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cycle. This is done by directly calculating the residual stress field of each load instance
and the associated inelastic strain. The iterative procedure ensures the convergence to
a unique and accurate solution, and this has been demonstrated by the several case
studies analysed. The detailed Step-by-Step analyses have confirmed the accuracy of
all the results obtained. It worth mentioning that the computational cost required by
the eDSCA is lower than any traditional finite element approach.
However, the method needs to be enhanced in order to calculate more accurate creep
damage. This can be done by implementing the stress modified ductility exhaustion
method. This feature will be described in the next chapter, where a detail discussion
on strain based creep damage methods will be done. For the calculation done in this
chapter, the time fraction rule has been adopted successfully. The creep rupture stress
was properly modified by using the triaxiality factor when required. The time fraction
rule is a good compromise when detailed creep ductility data is not available, and the
start of the creep dwell is not at a very high stress. In this latter case, the time fraction
rule tends to be overly conservative.

Chapter 5

Improvements to the creep
damage assessment by the LMM
5.1

Introduction

As discussed in chapter 2, and further investigated in chapter 4, the evaluation of
creep damage is crucial for a safe design and assessment of structures operating at high
temperature. The effect of creep could be significant and in some cases even more
severe than fatigue. As shown within chapter 2, several methods have been developed
and these are divided into stress and strain based methods. Since its early stage, the
LMM incorporated the time fraction rule, which belongs to the first category. However,
as discussed in chapter 4, the multiaxial stress state and the load type can affect the
accuracy of the time fraction rule. This is particularly dangerous when primary loads
are very low or negligible. Furthermore, the cyclic behaviour of the structure can change
significantly if it is controlled by a secondary load. This last consideration is even more
relevant for GEN IV nuclear reactors, where components will experience very high
temperature and very low mechanical load. In this scenario, if a large stress relaxation
occurs during the creep dwell, the time fraction rule can predict too optimistic creep
damage.
The actual practice within the UK’s R5 is to use the Ductility Exhaustion method,
which has been further extended by also considering the effect of the stress. The effectiveness of this method has been proven by several pieces of research over the last
10 years. However, as in other design codes, it relies on the use of elastic analyses and
assumption to fully assess the cyclic response of the structure. As previously demonstrated these ruled based methods are capable of providing safe, but overly conservative
predictions [103]. Furthermore, this conservatism is expected to be enhanced by the
introduction of new operating conditions, which are required for new high-temperature
reactors and power industry components [93, 96]. In order to improve the capabilities
of the LMM in assessing a whole class of problems, including creep-fatigue crack initiation, in a more efficient and accurate way the Stress Modified Ductility Exhaustion
(SMDE) method need to be fully implemented. This will allow combining for the first
time the efficiency and robustness of eDSCA, which has been demonstrated in chapter
4, and the accuracy of SMDE.
In this chapter, a review of strain based methods available in the literature is given,
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and detail description of the Stress Modified Ductility Exhaustion method is provided.
Furthermore, the effect of the stress state is discussed and carefully reviewed. In order
to test the updated LMM the life of a Single Edge Notched Bend (SENB) specimen
subjected to a cyclic mechanical load at constant high temperature is assessed. In order
to properly consider the effect of multiaxial stress state on the creep damage, for the
first time, the SMDE approach has been implemented within the LMM. The predicted
endurances are compared with the experimental and numerical results obtained by
[103, 104] within the Brite-Euram C-FAT BE-5245 project. Furthermore, the impact
of creep duration and additional primary load on the steady state cycle response is
investigated. All the results demonstrate the method capability of accurately assessing
a whole class of loading conditions also not considered during the experimental works.

5.2

Strain based methods for creep damage modelling

5.2.1

Introduction to creep strain ductility under uni-axial load

Several structural steels, when operating under high temperature and tensile loading,
fail due to the growth and coalescence of voids. However, the mode of failure, as it
was studied by Beere [105] and later by Hales [106], is dependent on the load level and
the stress multiaxial state. In his early work Hales identified that the strain to failure
was related to the strain rate. Three distinct failure mechanisms or regimes has been
identified, and shown in Figure 5.1a [107]. In his work Hales considered only spherical
voids, with initial radius r0 , for simplicity. The failure occurs when the radius reaches
the critical size of λ2 , where λ is the cavity spacing. Regime I, shown in Figure 5.1b,
occurs for high-stress level and the voids growth is the result of plastic deformation.
An elegant mathematical representation of this physical phenomenon is given by Hales,
demonstrating how the failure strain is independent of stress and time. For a spherical
cavity growing in a steady-state creep regime consider the following growth rate:
ṙ = B1 ε̇

(5.1)

where ṙ is the radius growth rate of the void, B1 is a material property and ε̇ is the
creep strain rate. By integrating equation 5.1 the strain to failure is obtained:
f = ε̇tf =

λ
2B1

(5.2)

where f is the strain to failure and tf is the failure time. Equation 5.2 shows the
existence of an upper bound for the creep ductility, and it can be obtained from hot
tensile test or high stress tensile creep test. For intermediate stress level, a transition is
observed, Regime II in Figure 5.1c. This change of mechanism between Regime I and
II occurs when the cavity growth for diffusion dominates over the plastic hole growth.
In this regime the cavity radius growth rate is linearly related to the stress σ and
the material parameter B2 :
ṙ = B2 σ

(5.3)
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Figure 5.1: Effect of strain rate on the failure ductility. a) Schematic representation of the three
regimes depending on the creep strain rate, b) regime-I where plastic cavity growth dominates, c)
regime-II where diffusion controlled cavity growth occurs, d) regime-III where constrained diffusion
growth takes place. (source: [107])

By integrating equation 5.3 the rupture time is given:
tf =

λ
2B2 σ

(5.4)

By combining equation 5.4 and the Norton law for steady-state creep the strain
to failure as a function of the strain rate, stress multiplier A and stress exponent n is
given:
1

λA n (n−1)
)˙ n
f = (
2B2

(5.5)

Equation 5.5 clearly shows how the strain to failure is a function of the strain rate,
and it is related to both the material properties and load condition. However, when
a low stress is applied the constrained diffusion mechanism dominates and Regime III
starts as presented in Figure 5.1d. For this regime, the strain to failure is represented
by a constant value. The stress at cavitation boundaries relaxes, producing a stress
redistribution. This local mechanism stops when the local strain rate, due to the
cavitation process, is equal to that present in the remote area. This physical behaviour
can be expressed by the following equation, which is a fixed value function of the
vacancy spacing λ and grain size d:
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πλ
(5.6)
6d
This physical and mathematical representation of the creep ductility, as reviewed
by [108], can be used to estimate the creep damage in structures operating in creep
regime. The so-called strain based methods have recently been further enhanced by
[109, 110] using the local approach based on scalar damage. However, the stress based
methods have serious drawbacks in terms of sensibility to the material parameters, such
as α and the stress level. Even when CDM is not employed and the time fraction rule is
adopted the results can be unsatisfactory. For load cycles where the creep dwell starts
at the maximum strain, the time fraction becomes overly conservative. Moreover, it
becomes less conservative for load cycles with a small strain range with the creep dwell
starting at the maximum strain. Despite this, this method is adopted in several design
codes such as the ASME-NH and RCC-MR. However, the strain based methods are
progressively becoming more reliable and accurate than stress based.
The stress independent ductility exhaustion method has been extended by [59] to
consider the effect of stress and the impact of multiaxial stress state. The creep damage
per cycle is calculated by the following formulation:
f =

Zth
dc =
0

ε̄˙c
dt
ε̄f (ε̄˙c , σ1 , T )

(5.7)

where th is the hold time, ε̄˙c is the creep strain rate and ε̄f (ε̄˙c , σ, T ) is the von
Mises strain to failure. The strain to failure is a function of the creep strain rate, the
temperature and the stress. The contribution of the stress has been demonstrated to
be important to better approximate the cavity nucleation process. The creep uniaxial
ductility can be represented by the following equation:


∆G
εf = A1 · exp
· ε̄˙nc 1 · σ1 −m1
(5.8)
RT
where A1 , ∆G, n1 and m1 are material parameters obtained by using a multi linear
interpolation of the creep ductility data. Also the effect of the material composition
has been implemented by [111] to account different chemical compositions of the steel
considered.

5.2.2

The effect of stress and stress state on the creep ductility

The triaxial state of stress has a significant impact on the failure of industrial components since due to the manufacturing requirements they contain many cross-sectional
area changes, grooves or welds. In these locations, the equivalent stress is higher than
other areas and are more likely to develop cracks. However, when creep and fatigue
interact the damage caused by creep can be enhanced by the stress triaxiality. The
triaxial stress commonly develops within the surface, at a distance of several hundred
microns from the stress concentrator as observed in notched specimens experiments
[112–115]. It has been further demonstrated by [11] that the effect of the stress triaxiality is to significantly reduce the creep ductility. This has also been outlined by
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the review work done by [107] where a detailed overview of several multiaxial ductility
factors (MDF) is given.
The MDF models can be divided into three categories: Physically Based MDF,
Semi-Empirical MDF and Empirical MDF. The first consists of those MDFs that incorporate the physical impact of multiaxial stress state to the creep fracture. The
creep fracture is recognised to be governed by two mechanisms, the growth and the
coalescence of microvoids. One of the most famous multiaxial ductility factors is the
one created by Cocks and Ashby [116]. It is capable of modelling the grain-boundary
cavity growth due to the creep power law of the surrounding matrix:
sinh[ 23 ( n−0.5
f ∗
n+0.5 )]
=
n−0.5
f
sinh[2( n+0.5 )] σσ̄m

(5.9)

where n is the secondary creep stress exponent, σm is the mean stress and σ̄ is the
von Mises stress. As reported by [11] and recently by [107] equation 5.9 becomes less
effective for small changes of n leading to overestimated values for the ductilities. A
significant enhancement has been done by [110] by introducing a new physically based
MDF:
exp[ 23 ( n−0.5
f ∗
n+0.5 )]
=
(5.10)
n−0.5
f
exp[2( n+0.5 )] σσ̄m
Another physical based MDF is represented by the one developed by [59], which
has been considered for implementation within the eDSCA numerical procedure. Two
different cavity growth mechanisms are evaluated, the diffusion and the creep power
law controlled growth. It has been demonstrated by [11, 106] that when the strain
rate exponent n1 is smaller than the theoretical one obtained by (n − 1)/n, where n
is the secondary creep stress exponent, the cavity growth mechanism is coupled with
the diffusion and the creep power law mechanism. In this case, the modified Cavity
Growth Factor (CGF) introduced is:


σ̄
1 3 σp
CGFmodif ied =
exp
−
(5.11)
σ1
2
2 σ̄
 
The first term of equation 5.11 σσ̄1 is used to properly describe the diffusion



3σ
is used
mechanism affected by the principal stress. The second term exp 12 − 2 σ̄p
to model the creep power law cavity growth [117] and it is based on the model developed
by [118] for hole growth in the plastic deformation regime.
To better evaluate the effect of multiaxial stress state on the creep ductility the
plot of multiaxial ductility factor against the stress triaxiality is presented in Figure
5.2. The uniaxial stress case is represented by a circle, all of the models presented
pass from this point when the stress triaxiality is 0.33. All the experimental results
reported from the literature [119–124] for a multiaxial stress state are present for stress
triaxiality up to 1.6 [107]. It is worth mentioning that no cases are available for a low
level of stress triaxiality below 0.33. However, this region is important and should be
investigated more for its relevance in real practical cases. From Figure 5.2 it is clear
that the three physical methods give reasonable results. However, the most accurate
are provided by the Spindler CGF and the newest developed by Wen and Tu. These
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two MDFs return very close results for stress triaxiality over 1.2. For stress triaxiality
between 0.6 and 1.2, the Spindler CGF looks more accurate especially for austenitic
stainless steels and for CrMoV. Conversely, the MDF from Wen-Tu is more accurate
for the others, providing a better lower-bound for 316H at a high level of triaxiality.
However, the model proposed by Wen and Tu is still slightly insensitive to changes of
stress exponent n.

Figure 5.2: Effect of stress triaxiality on the multiaxiality ductility factor for different physical
models, and experimental results on notched bar specimen at high temperature.

Both the MDFs provide a good starting point for the assessment of creep ductility
when comprehensive multiaxial data is not available. It can be concluded that both
these approach are robust enough to be used for structural integrity. However, due to
the better performances of the Spindler CGF with the CrMoV and other structural
steels, and its implementation within the UK’s R5, it has been implemented within the
LMM.

5.3
5.3.1

Numerical example: SENB Specimen
Finite element model and material properties

The same test specimen adopted by [104] has been used for this study. Due to the
symmetry conditions, only half of the entire model is analysed. The model is composed
of 1425 plain strain quadrilateral elements, with a reduced integration scheme. As
shown by Figure 5.3, the mesh is refined near the round notch, which has a radius of
6 mm. Symmetry conditions are applied to the left side on the x-axis (Figure 5.3),
and the translation is constrained with boundary conditions applied on the right part
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of the model. A Load Point Displacement (LPD) is imposed as shown by Figure
5.3, producing the desired elastic stress field necessary to perform the LMM eDSCA
analysis.

Figure 5.3: Finite element model and mesh of the SENB specimen.

The SENB specimen is subjected to different fully reversed LPDs in a 0.268 0.5
mm range, considering dwell time of 0, 0.5 and 16 hours. Furthermore, an additional
pure axial load of 200 MPa has been considered for the study.
Table 5.1: Material properties for elastic, plastic and creep behaviour in MPa and hours.

1CrMoV at 550◦ C
Youngs modulus [MPa]
Poissons ratio
Ramberg-Osgood
Norton-Bailey

151700
0.3
B = 646.67
A = 2.5 · 10−30

n = 10.5

beta = 0.1092
m = −0.6

The 1CrMoV material properties adopted for this work has been largely obtained
from Japanese NIMS database, and are shown in Table 5.1. The cyclic-stress strain
behaviour of this alloy is modelled using the Ramberg-Osgood relationship:
∆ε
∆σ
=
+
2
2E



∆σ
B

1

β

(5.12)

where ∆ε
2 is the total strain amplitude, ∆σ is the total stress range, B and β are
material parameters. The Ramberg-Osgood constants are obtained by the locus of the
tips of the steady state cycle response at 550◦ C [22] for different total strain ranges.
Due to the homogenous high temperature, the creep deformation that occurs during
the dwell period is calculated using the Norton-Bailey relationship defined as:
n

ε̇cr = A · σ · tm

(5.13)

where ε̇cr , σ and t are creep strain rate, stress and time, respectively, and A, n and m
are material parameters. In order to calculate the most accurate creep damage due to
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Table 5.2: Parameters for DE and SMDE creep ductility models.

DE
A1 = 19.005
n1 = 0.3489

SMDE
A1 = 1.5489
n1 = 0.2953
m1 = 0.2111

the hold time, the creep uniaxial ductility is calculated. To avoid overly conservative
results, the local rupture strain is calculated by the reduction of area measured during
the creep test [104]. The data used for the material property extrapolation has been
obtained from the NIMS database. Figure 5.4 shows the scattering data (symbols) and
both the lower and upper shelves and transition part generated (dashed line). A total
of 10 different batches of data are used to fully describe the material ductility. For high
strain rate, also the tensile results are adopted and an upper shelf has been identified
(Figure 5.4a). When the component operates at such a high level of average strain rate,
the creep damage mechanism is governed by the matrix deformation. In Figure 5.4a
also the lower shelf is shown, and it starts for average strain rates lower than 2 · 10−6
h−1 . In this case, the creep damage is mainly caused by the grain boundary cavitation
mechanism. Between the upper and lower shelf, a transition region is present. Figure
5.4a shows the transition law obtained using the DE formulation. For comparison,
the SMDE parameters are also obtained using multi-linear regression. The results
are shown in Figure 5.4b, where the experimental points are interpolated and the
parameters obtained are reported in Table 5.2 for both the model.

Figure 5.4: a) Local rupture strain based on reduction of area against the average strain rate to
failure, b) Creep ductility using the stress modified exhaustion method by multi linear regression.

The fatigue data is obtained from the R66 Issue 8 [125] database, for 1CrMoV at
550◦ C. The data are obtained from isothermal low cycle fatigue tests at different strain
ranges. The number of cycles to failure is defined as the number of cycles required to
obtain a 2% stress drop in the steady state cycle. The fatigue damage per cycle is
obtained by df = 1/N0 , where N0 is the cycle to failure associated with the total
strain range calculated by the eDSCA. Creep damage (dc ) per cycle can be calculated
with both stress or strain based methods. When TF rule is used the average creep
stress during the dwell is obtained to determine the rupture time required by equation
2.30. Conversely, for DE and SMDE the creep strain increment and the multiaxial creep
ductility are calculated for the associated creep dwell. Hence, the total damage per cycle
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is defined as the linear sum of fatigue and creep damages, subsequently the predicted
endurance is defined as Nf = (df + dc )−1 . By knowing the experimental endurance
for each load case, the total damage based on the total creep damage Dc and total
fatigue damage Df can be calculated. Dtot must be lower than unity to prevent crack
initiation, otherwise the component is likely to exhibit crack initiation. The unity limit
is an empirical rule, and it is based on direct comparison with experimental results [22].

5.3.2

Comparison with simplified method

The accuracy of the creep-fatigue crack initiation assessment is related to the capability
of estimating the parameters required. The most relevant are the stress at the start
of the creep dwell, the stress drop due to the hold time, and the total strain range.
R5 adopts different approximated methods in order to calculate the aforementioned
quantities. The effect of creep on the total strain range is considered by summing the
stress drop to the maximum elastic stress range. The ratio between this revised stress
range and the effective Young’s modulus gives the revised elastic strain range. The
cyclic strain range, including the plastic strain, is calculated by adopting the Neuber
rule and using the cyclic data obtained by the Ramberg-Osgood relationship.
The calculation of the stress at the start of the creep dwell has three different options
available within the R5 [4]. In this comparison the same one used by [103] has been
adopted, where the start of the creep dwell stress is limited by the yield at the creep
end. A factor of 1.25 is applied to provide a better estimate than a non-conservative
solution as required by R5 [4]. The entire procedure described relies upon only elastic
analyses, and for this reason, it is always conservative.
Instead, the LMM directly calculates the residual stress field caused by plastic
behaviour for an assigned cyclic load point, using the Elastic Perfect Plastic material
model or adopting the more accurate Ramberg-Osgood model. Using this method,
more accurate stress levels are obtained, improving the accuracy of the assessment.
The stress at the start of the creep dwell obtained by the LMM is 345 MPa against the
369 MPa obtained by the R5 procedure. In terms of stress drop, the LMM predicts
for the 0.5 hour case a drop of 52 MPa against the 69 MPa of the less conservative
R5 option. The total strain ranges obtained are 1.12% and 1.55% for LMM and R5
respectively. The approximated method always gives a more conservative assessment
of the fatigue damage.
In terms of creep damage, the LMM is capable of providing a more accurate prediction of the damage within each analysed cyclic load point. The calculation of the
creep and plastic flow stress considers the full interaction between creep and plasticity
response, which generates stress relaxation and redistribution. This feature is fundamental for the accurate assessment of the component, especially where notches, grooves
and changes of section are present. This is not accurately represented by methods based
on elastic analyses and enhances the conservatisms of the rule-based methods. These
differences are shown in Figure 5.5 where the creep damage predicted for the 0.5 hour
dwell at different LPDs is plotted. The LMM always produces a less conservative
prediction, which makes the predicted endurance closer to the observed life.
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Figure 5.5: Comparison between creep damage per cycle predicted by R5 procedure (dotted
line), and LMM (dashed line).

5.3.3

Predicted endurance by LMM

A benchmark test has been performed to demonstrate the differences between the various creep damage models available within the numerical procedure. A total of four
case studies have been analysed, one without creep and three with creep dwell at different positions within the load cycle (Table 5.3). From the results obtained the fatigue
damage is enhanced by the creep dwell. Time Fraction rule (TF) gives the most conservative result, and for high levels of stress at the start of the tensile dwell it produces
the most conservative result. However, it is capable of identifying the compressive
dwell producing a very low damage. The Ductility Exhaustion (DE) method predicts
overly optimistic results and is overly conservative when a compressive creep dwell is
considered. This is one of the drawbacks of this method. The Stress Modified Ductility
Exhaustion (SMDE) performs well in all the cases considered because it is capable of
combining the strengths of both stress and strain based methods. For these reasons
only DE and SMDE methods will be used for the SENB assessment.
Table 5.3: Fatigue and creep damages per cycle calculated for different loading cycles of SENB
specimen subjected to a total displacement of 0.8 mm and a dwell time of 0.5 hours at 550◦ C.

Load cycle
Pure fatigue
Tensile peak dwell
Compressive peak dwell
Tensile and compressive dwell

Fatigue
damage
1.030 · 10−3
1.097 · 10−3
1.099 · 10−3
1.182 · 10−3

DE
3.19 · 10−4
3.36 · 10−3
3.32 · 10−3

Creep damage
SMDE
TF
5.57 · 10−4 1.92 · 10−2
2.17 · 10−7 2.06 · 10−6
1.03 · 10−3 1.92 · 10−2

The entire assessment is summarised in Figure 5.6, where the observed number of
cycles to failure are plotted against those predicted. The continuous line represents the
interpolation of the observed endurance (solid square) of the SENB specimen subjected
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to different loading conditions. The LMM predictions are plotted for different dwell
times, loading conditions and creep damage models. The results for different creep
damage models are represented by diamonds (DE) or circles (SMDE). Good agreement
is shown by the SMDE for all analysed cases, while DE has been demonstrated to
be slightly non-conservative but always within a factor of 2. Accurate predictions are
obtained for long creep dwell (16 hours) by the SMDE. The endurances predicted by
the SMDE are never less conservative than the observed ones, except for a single case.
For all the cases analysed, the predicted cycles to failure are never more conservative
than those calculated by [103]. Very good accuracy is demonstrated when an additional
axial load of 200 MPa and a dwell time of 0.5 hours are considered. For this case the
life predicted by the LMM is 661 and 570 cycles for DE and SMDE respectively, which
is very close to that observed (576 cycles). The solution obtained is far less conservative
than the R5 procedure and comparable to the fully inelastic analysis, which predict 108
and 526 cycles to failure respectively [103]. It is worth noting that the computational
cost and the number of material parameters required are both significantly lower than
full inelastic analyses.

Figure 5.6: Endurance plot representing the observed cycles to failure (solid square), the LMM
predictions (diamond, and circle) for different dwell times and loading cycle, R5 predictions (solid
circle), inelastic analyses prediction (triangle).

The effect of the dwell time duration on the failure mechanism is shown in Figure
5.7 where the creep and fatigue damages per cycle are plotted against the load point
displacement applied for the two dwell times. Figure 5.7a shows the creep and fatigue
damage for a dwell time of 0.5 hour. For such a dwell there is a strong interaction
between creep and fatigue. However, as discussed by [115], for low strain cases (small
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LPD) creep damage is dominant over fatigue. Conversely, for high strains, fatigue
damage dominates. Significant creep-fatigue interaction occurs for a total LPD between
0.45 and 0.55 mm. This behaviour completely changes for longer dwell, as is shown in
Figure 5.7b. In that case, the creep damage is always greater than fatigue.

Figure 5.7: Creep and fatigue damage per cycle for different Load Point Displacement applied
for a dwell time of a) 0.5 and b) 16 hours.

When creep damage dominates the failure is expected to initiate from inside the
specimen, at a depth of several hundred micro-meters from the notch root. This behaviour is highlighted in Figure 5.8 where the total damage is shown in the form of
contour plots for two dwell times under the same applied mechanical load. Figure 5.8a
shows the total damage, that is dominated by the creep damage. Conversely, Figure
5.8b shows a much lower damage which is dominated by a fatigue mechanism. By
comparing these two contours, it is evident how the damage initiates in a much larger
and deeper area (Figure 5.8a) when creep is dominant.

Figure 5.8: Total damage per cycle calculated for an applied LPD 1.0 mm at a) 16 hours and
b) 0.5 hour creep dwell.

The importance of the principal stress in the failure mechanism is also crucial to
accurately predict the failure of a component. Due to the triaxiality of the stress state,
the principal stress is expected to be larger than the von Mises stress. In Figure 5.9
the stress state and the triaxiality factor is plotted against the cross section of the
notched specimen. The creep damage contour calculated is superimposed to the plot.
The von Mises stress at the start of the creep dwell is subjected to a large relaxation.
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As expected the principal stress is larger than the von Mises stress and the triaxiality
factor is remarkably higher inside the bar. In that location, as depicted by Figure
5.9, the maximum damage per cycle is observed, which is about 1000 micrometres
from the surface as observed by many experi-mental and numerical works on notched
specimens[112–114].

Figure 5.9: Impact of stress state on creep damage. Stress and triaxiality factor distribution in
the cross sec-tion of the notched specimen and superimposed contour of the creep damage for a
LPD of 1.0 mm and a dwell time of 16 hours.

A parametric study has been performed to investigate the effect of the superimposed
primary load on the component’s response, considering a 0.5 hour creep dwell, a total
LPD of 0.8 mm and an increasing superimposed load of 50, 100, 150, 200, 250 and 300
MPa. Up to 200 MPa the failure is always dominated by creep and fatigue interaction.
However, creep ratchetting develops but it still negligible. The total damage per cycle
produced by the creep-fatigue interaction, the creep-fatigue and the creep ratchetting
endurances are reported in Figure 5.10. For the superimposed load of 100 MPa creepfatigue interaction dominates, with a predicted life of 542 and 1360 cycles for creepfatigue and creep ratchetting respectively. For the 200 MPa load case the predicted
life due to the two mechanisms is comparable and affect two close areas in the notch
groove as shown in Figure 5.10. If the axial load is increased up to 300 MPa the
response changes and the predicted cycles to failure due to creep-ratchetting is 117
against the 344 of creep-fatigue mechanism. The locations where the damages initiate
do not coincide, but are close enough to be likely to interact especially during the crack
growth process. The superimposed primary load as expected reduces the component
life and introduces an incremental mechanism, which affects the notch root area. Tong
[126, 127]introduced and demonstrated that the ratchetting at the crack tip is a driving
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mechanism for the crack growth process. The notch can be divided into three distinct
areas: i) creep fatigue dominated, ii) creep-fatigue and creep ratchetting interaction
area and iii) creep ratchetting dominated area. If a crack initiates in the second area
the concept introduce by Tong [126] becomes relevant. The surrounding material ahead
the crack exhibits creep-ratchetting affecting also secondary cracks, leading to a much
more complex scenario in terms structural integrity of the defective body.

Figure 5.10: Contours of total damage per cycle, creep-fatigue life and creep-ratchetting life for
a superimposed primary load of 100, 200 and 300 MPa.
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A final overview of all the results obtained is given in Figure 5.11 , where the
creep-fatigue linear damage summation diagram is shown for the different loading cases
considered. All the endurances predicted, except two, are in the crack initiation area
as expected (Figure 5.11). These results can be divided into three types of failure
mechanism, fatigue dominated (above the dot-dash line), creep dominated (below the
dot-dash line) and creep-fatigue interaction for points that lie closer to the depicted
limit (dot-dash line). For the first type, transgranular cracking is predicted to initiate
from the surface of the notched area, and the mechanism is strongly affected by the
total strain range of the cyclic load condition. The second type exhibits intergranular damage, which initiates within the specimen, and the principal stress is a driving
parameter. In the last case, the interaction between creep and fatigue is more complex and both surface and interior cracking are expected. Such a scenario occurs for
intermediate applied loads and for short dwell times (0.5 hours, diamond symbol).

Figure 5.11: Creep-fatigue linear damage summation diagram for the cyclic loading conditions
exanimated by LMM and SDME.

In order to further verify the accuracy of the adopted method, a comparison between
metallography inspections on experimental results obtained by [128], and the numerical
prediction have been presented in Figure 5.12. Figure 5.12a shows the multiple crack
initiation occurred in the SENB component subjected a fully reversed total LPD of 0.8
mm, and an additional axial load of 200 MPa with a dwell time of 0.5 hour. The damage
develops from the surface of the specimen, demonstrating that the crack initiation is
fatigue driven. This failure mechanism has been identified by the numerical solution.
This is shown in Figure 5.11 where the load point (square) is largely within the fatigue
dominated area. Furthermore, in Figure 5.12b the distribution of the total damage is
shown, and the area of maximum damage has a total width of about 2 mm, which is
comparable to the area where multiple cracks have occurred.
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Figure 5.12: a) Creep-fatigue crack initiation and early growth at groove root for 1CrMoV SENB
specimen by Holdsworth [128], and b) total damage per cycle calculated by the LMM for a 0.4
mm displacement and additional 200 MPa axial load, with a dwell time of 0.5 hour.

5.4

Conclusions

In this chapter, the LMM eDSCA method has been successfully improved by implementing the Stress Modified Ductility Exhaustion delivering a study on the creep-fatigue
interaction Single Edge Notch Bend specimen. The cyclic response has been identified
and discussed pointing out its implication on the structural integrity. The main results
obtained within this research work are as follow:
1. Implementing the Stress Modified Ductility Exhaustion approach with the Cavity
Growth Factor into the eDSCA leads to very accurate life predictions. Excellent
agreement has been demonstrated for cyclic loads when a primary load is introduced. All the failure mechanisms have been properly identified and match with
the experimental observations available in the literature.
2. The physical effect of the associated load level on the crack initiation mechanism
has been properly modelled with the proposed numerical procedure. Load levels
confirmed to be important in influencing the type of failure mechanism. Furthermore, the stress triaxiality, which has a severe effect on creep ductility, has been
investigated and modelled properly.
3. A new and more detailed numerical study has been performed varying the superimposed primary load. For a superimposed primary load up to 200 MPa the
creep-fatigue crack initiation dominates. Conversely, the failure is driven by creepratchetting affecting a different location. For this specific case creep-ratchetting
is expected to enhance the crack growth process.
4. The results obtained further demonstrate the capabilities of the LMM eDSCA, in
assessing structures subjected to cyclic loading conditions when a limited number
of experimental data is available.

Chapter 6

Unexpected plastic strain during
creep dwell
6.1

Introduction

Mechanical structures are designed to withstand defined loading conditions, which includes monotonic and cyclic thermal and mechanical loads. Different international
design and assessment codes are currently adopted, like the UK’s R5 procedure [4]
and the ASME NH [3]. For each code, it is important that the structure does not
fail during operative life, even in the case of severe accidents or malfunctions. This
important issue can be tackled by adopting a fail-safe design and making sure that the
safety margins are correctly estimated. Due to the severe consequences of chemical and
radiation release on the society, these industrial structures have rigid requirements in
terms of safety. However, after the dramatic multiple meltdowns at Fukushima Daichi
nuclear power plant, in March 2011, it has been demonstrated how the integrity of
components must be designed to withstand even more critical scenario. To do this,
several aspects need to be considered and one of these is the accurate prediction of
structural response of component subjected to an extreme load. The estimate of the
deformations and times to failure in such an extreme scenario will contribute in supporting field engineers while facing an emergency, but also improve the resilience of the
design. Furthermore, by investigating the behaviour of structures under off-design load
it is possible to identify new unexpected failure mechanism.
The study proposed in this chapter is relevant for component’s safety when extreme
or non-conventional loading conditions occur, leading to the detrimental accumulation of inelastic strain, with emphasis on high-temperature conditions. A new failure
mechanism associated with the increase of the plastic strain during the creep dwell is
discussed. The novel mechanism has been identified by numerical finite element analyses on notched bars, subjected to high mechanical load level and high-temperature.
Notched bars are considered due to their capability of representing more realistically
the multiaxial stress state in real components. Two material models for cyclic plastic response have been considered, the Elastic Perfect Plastic (EPP) material model
widely adopted for structure assessment and the more refined combined hardening
model. Monotonic load has been considered as well, and the plastic behaviour has
been modelled using the stress-strain curve. In order to prove that this mechanism
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is not a numerical artefact, both the element type and mesh sensitivity have been investigated. The aim of this chapter is to identify, discuss and explain this new failure
mechanism.

6.2

Material models adopted

For both the monotonic and cyclic load case the EPP material model have been used to
study the impact of the model accuracy on the mechanism by understanding its effect
on the magnitude and structural integrity significance of the new failure mechanism.

Figure 6.1: Schematic representation of the Elastic Perfect Plastic material model.

The EPP material model has been used extensively in the past and represents one
of the most used model for limit analysis of metallic structures, especially for initial
design calculation. It can be represented by a very simple mass-spring model, shown in
Figure 6.1. When the applied load σ is below the yield only elastic strain accumulates,
and the mass is still fixed. However, when the applied load reaches the yield limit,
plastic strain accumulates, and the mass starts to move. If the load is removed, the
mass cannot return in its own original position, since there is no recall force, and this
reflects the physical aspect of the plastic strain.
For the most complex cyclic load case, the EPP can be overly conservative and
inaccurate, especially for material that exhibit complex responses under cyclic load
such as the Bauschinger effect or cyclic hardening/softening. The combined hardening
model has been used to fully characterize the isotropic and kinematic hardening of the
material.
The isotropic hardening is used to describe the change of size of the yield surface to
an associated accumulated plastic strain as shown in Figure 6.2a. This mechanism can
be represented by a scalar function R, known as the drag stress introduced by [129].
The rate of change of this function is expressed by the following equation:

Ṙ = b(Q − R)ε̇p

(6.1)

where Ṙ is the rate of change of the drag stress during the progressive hardening
associated to a plastic strain rate ε̇p . By integrating equation 6.1 with respect to the
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Figure 6.2: Schematic representation of a) isotropic and b) kinematic hardening.

time the dimensional change of the updated yield surface σ0 is given by:


σ0 = σy + Q∞ 1 − e−bεp

(6.2)

where σy is the initial yield stress, Q∞ represents the asymptotic value of the yield
stress, b defines the rate of change of the yield surface for an associated plastic strain
p . The yield criterion then can be expressed using the von Mises function:
f = |σ| − σ0 = 0

(6.3)

The isotropic hardening is capable of modelling the cyclic hardening by increasing
the elastic limit (σy + R) for an associated plastic strain. Furthermore, the isotropic
softening can be modelled as well by considering a negative Q∞ , which tends to reduce
the final saturated yield strength.
Conversely, the kinematic hardening adopts a completely different concept to simulate the hardening/softening of materials. Rather than varying the yield surface dimension, the centre of the yield surface is rigidly translated within the stress plane
as shown in Figure 6.2b. This modelling strategy is very important when tensile and
compressive loads are present, and the Bauschinger effect needs to be considered. The
yield surface drift is associated to a kinematic hardening parameter α, known as the
back stress. The rate of change of the back stress is defined by the Armstrong-Frederick
relationship as follow:
α̇i = Ci

1
(σ − α) ε̄˙p − γi αi ε̄˙p
σ0

(6.4)

where the first term presents the linear hardening, introduced earlier by Prager in
1949, and the second term expresses the non-linear behaviour introducing the recall
coefficient γ. The non-linear recall effect is coupled with the plastic strain rate. Ci
and γi are both material constants, and for each back stress a couple of parameters
need to be calculated. The overall back stress is calculated by the sum of each back
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stress component. The number of back stresses used affects directly the accuracy of
model adopted and three back stresses are normally used to fully describe the material
behaviour for a wide strain range. However, in this chapter a single back stress is used
due to the material constants provided by third part. All the material properties used
for this research work are shown in Table 6.1. Both isotropic and kinematic hardening
have been adopted in a combined the combined form keeping separate creep and plastic
strain calculation.
Table 6.1: Kinematic and isotropic hardening material properties

Kinematic hardening
σy
C1
γ1
175 12374
150

Isotropic hardening
Q∞
b
99.8
37.7

Figure 6.3: Finite element model and geometry properties for the a) v-notched bar and b)
c-notched bar.
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Numerical study

The v-notched bar is shown in Figure 6.3a and all the geometrical properties are reported as well. The mesh is refined in the notched area, and the entire model is
composed of 1394 elements. The semicircular notched bar is shown in Figure 6.3b, the
radius is 9 mm and the throat depth is 4.5 mm. The mesh is refined in the notched
area, and the entire model is composed of 600 elements. For both the numerical models a 2D axis-symmetric 8 node quadrilateral element mesh with reduction integration
scheme is adopted. A monotonic load with a subsequent creep dwell is considered in
this study for both the models, and the time is increased to evaluate the response to
a long term. The v-notched bar has a Kt equal to 5, which will lead to an extremely
high level of stress with a relative small applied load, instead, the semicircular notched
bar has a Kt equal to 1.4.

6.3.1

v-notched and c-notched bar: monotonic load

In this subsection, the results for the v-notched and c-notched bars analyses using
the EPP and isotropic tensile hardening model are reported for several load cases. The
effect of the load level is investigated by performing 3 analyses at 45, 60 and 90 MPa for
the v-notched bar. The stress along the notch throat are reported in Figures 6.4a,b,c.
In Figure 6.4a the von Mises stress at the start of the dwell (t0 ) and at its end (tf )
is shown. At the start of the creep dwell only the most exterior area of the notch
is at the yield. When the creep dwell starts, stress relaxation occurs and rapidly a
stress redistribution takes place. For this load case, no increase of the plastic strain is
observed. However, by increasing the load up to 60 MPa the plastic strain accumulation
starts during the creep dwell. At the end of the hold period, as shown in Figure 6.4b,
the stress is only partially relaxed and a small region still at the yield. In this region
the accumulation of plastic strain is maximum. When the applied load is increased
to 90 MPa the yielded area is larger than the 60 MPa case, and it is shown in Figure
6.4c. The von Mises stress contours at the start and end of the creep dwell are shown
in Figure 6.4d. At the start of the creep dwell a larger area of the notch is yielded.
However, the stress redistributes during the creep dwell, apart a small area that still
at the yield. As for the previous load case in this area the plastic strain accumulation
is significant.
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Figure 6.4: von Mises equivalent stress evolution along the notched bar throat for a) 45 MPa ,b)
60 MPa and c) 90 MPa, d) von Mises equivalent stress contours for the 90 MPa load case using
the EPP model and a creep dwell of 1 hour.

In order to justify the increase of plastic strain, the only reasonable hypothesis
is that a non-zero residual stress must be generated during the creep dwell. This
condition, with the equivalent stress at the yield, can justify the increase of plastic
strain. In Figure 6.5 the axial residual stress and the plastic strain increment are
presented for two load case. For a load of 45 MPa, Figure 6.5a, the residual stress
is non-zero. However, for this case, the equivalent stress is not at the yield, and no
plastic strain accumulates during the dwell. Conversely for the second case, depicted
in Figure 6.5b, both the condition are satisfied and an increase of the plastic strain is
observed. In all the numerical cases presented since now the dwell time is equal to one
hour. When a longer dwell is considered, the plastic strain accumulation becomes more
severe.

Figure 6.5: Axial residual stress (continuous line) and plastic strain increment (dashed line) for
an applied load of a) 45 MPa and b) 90 MPa, using the EPP model and a creep dwell of 1 hour.
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A dwell time up to 300 hours and a load of 100 MPa are considered. For this numerical test the maximum plastic strain accumulated increase significantly. In Figure 6.6
the stress along the notch throat, the plastic strain magnitude and creep strain magnitude are shown. When the creep dwell starts, the initial plastic strain accumulated
in the most critical location is around the 2% and in less than 100 hours it is doubled.
After 100 hours the increase of plastic strain is linear and reach the 6% at 300 hours.
The von Mises stress tends to relax progressively and to redistribute. However, at the
most critical location it still at the yield. It worth mentioning that the creep strain
accumulated over the 300 hours is significantly smaller than the plastic strain as shown
in Figure 6.6b. This highlight how this mechanism is significant for the failure analysis
of a component operating under such load conditions.

Figure 6.6: a) von Mises stress history with increasing dwell time using the EPP model, b)
plastic and creep strain accumulation against dwell time at the notch throat.

Similar results are obtained when considering the circular notched bar. However,
the magnitude of the mechanism is largely reduced. Also for this case study the applied
load is found to be crucial. When an axial load of 130 MPa is applied the stress relax
in the most critical location and increases within the bar, as it is shown in Figure 6.7a.
This behaviour is expected and already reported in many research papers dealing with
creep in notched specimens. The plastic strain does not change during the dwell time
as depicted in Figure 6.7b, and it is always lower than the creep strain magnitude. This
further confirms the importance of the stress level for this mechanism. The equivalent
stress evolution is presented in Figure 6.7c. Due to the fast and significant stress
relaxation, that occurs in the first 2 hours, the response is creep dominated for most of
the time.
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Figure 6.7: a) von Mises stress history along the notch throat, b) comparison between plastic
strain and creep strain magnitude, c) plastic strain increment at the most critical location for an
applied load of 130 MPa using the isotropic hardening model for a dwell time of 100 hours.
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The results change for an applied load of 150 MPa, and are summarized in Figure
6.8. Also in this case the stress tends to redistribute. However, as it is depicted in
Figure 6.8a, where the von Mises history is reported for different time steps, the stress
does not fully relax. Even after 100 hours a very small location still at the yield, and
in this area the increment of plastic strain is observed. Despite this, the plastic strain
magnitude is not larger than the creep strain magnitude (Figure 6.8b). In Figure 6.8c
the equivalent stress is presented in the form of contours from 0 to 100 hours. The
largest stress relaxation and redistribution is observed in the first 20 hours, after which
only small changes are observed. The area where the stress is at the yield becomes very
localized.

Figure 6.8: a) von Mises stress history along the notch throat, b) comparison between plastic
strain and creep strain magnitude, c) plastic strain increment at the most critical location for an
applied load of 150 MPa using the EPP model for a dwell time of 100 hours.

The residual stress and the associated plastic strain increment are monitored and
reported in Figure 6.9 for both load conditions. For the first case the axial residual
stress is non zero, Figure 6.9a. However, as shown before the equivalent stress in
the most critical location is not at the yield during the creep dwell. For this reason
no plastic strain increment is observed. Conversely, for the second load case both
the condition are satisfied simultaneously and plastic strain increment is observed. It
worth mentioning that the increase of plastic strain for the circumferential notched bar
is smaller than the v-notched bar. From this point all the results presented will consider
only the v-notched bar.
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Figure 6.9: Axial residual stress (continuous line) and plastic strain increment (dashed line) for
an applied load of a)130 and b) 150 MPa using the EPP model for a dwell time of 100 hours.

In order to further verify the significance of this mechanism, a more refined plastic
model have been used. The isotropic hardening model is used to model the hardening
during the hot tensile testing. This is done by providing the post yield stress strain
response. At 90 MPa no increase of plasticity during the dwell is observed. However,
for a higher mechanical load, 100 MPa, the mechanism is present. In Figure 6.10a the
evolution of the stress is presented for the most significant time points. The largest
stress redistribution occurs in the first 20 hours, affecting mostly the area between the
centre of the bar up to 2.5 mm. After 20 hours only slight increase is observed. Conversely, at the notch surface the stress does not change significantly. The history of the
axial residual stress is depicted in Figure 6.10b. The residual stress tends to increase in
absolute value with the dwell time, leading to a progressive increase in the accumulated
plastic strain (Figure 6.10c). By analysing the plastic strain increment shown in Figure
6.10c a reduction of the accumulated plastic strain is observed. This is reasonable due
to the use of the isotropic tensile hardening, which allows less conservative estimate of
the plastic strain. Furthermore, for lower mechanical load the plastic strain accumulation occurs only during the first few hours due to the progressive stress relaxation.
A significant results is shown in Figure 6.10d, where the comparison between plastic
strain magnitude and creep strain magnitude is reported. For this case study the plastic strain accumulated over the dwell is higher up to 75 hours. After this threshold
the creep strain magnitude becomes more significant than plastic magnitude. This can
be explained by the contribution of two factors, the high stress at the most critical
location, and the more accurate plastic strain calculated by the isotropic hardening
model.
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Figure 6.10: a) von Mises stress history along the notch throat, b) axial residual stress history,
c) plastic strain increment, and d) plastic strain and creep strain magnitude at the most critical
location for an applied load of 100 MPa

CHAPTER 6

PLASTIC STRAIN ACCUMULATION DURING CREEP DWELL

129

By exterminating all the results obtained the concept can be well represented by the
schematic shown in Figure 6.11. This graphical representation depicts both the scenario
described previously. For clarity in this case, the material model used to describe the
mechanism is the EPP. In Figure 6.11a the classical behaviour is represented. In this
case the stress during creep dwell relaxes and there is no possibility, even if a residual
stress is generated, to have additional plastic strain. This can be summarized by the
following mathematical statement:
σ̄(σ(t1 )) = σy → σ̄(σ(t2 )) ≤ σy ⇒ ∆εp = 0

(6.5)

where σ̄ is the equivalent stress, σy is the yield stress, t1 and t2 are the time instances
before and after creep dwell respectively and ∆εp is the plastic strain increment. When
no stress relaxation occurs, as shown in Figure 6.11b, it is possible that a plastic strain
increment is generated for an associated residual stress ρ̄. It worth nothing that the
residual stress in this case is generated by the creep dwell rather than an unloading
phase. It is important to underline that the equivalent stress will not relaxes, but the
stress components will be affected generating a residual stress. This can be summarized
by the following mathematical statement:

σ̄(σ(t1 )) = σy → σ̄(σ(t2 )) = σy
⇒ ∆εp 6= 0
(6.6)
∆ρij = σij (t2 ) − σij (t1 ) → σ̄ (∆ρij ) 6= 0
where σij is the stress tensor and σ̄(∆ρij ) is the equivalent stress associated to the
residual stress tensor. This further highlight the importance of the multiaxial stress
state for such a mechanism. Indeed, for a pure uniaxial stress, there is no possibility
to have at the same time a residual stress, and the equivalent stress at the yield.

Figure 6.11: a) Stress history with the stress relaxation occurs during the creep dwell, and
b) when no significant relaxation takes place allowing the possibility to generate a plastic strain
increment associate to a residual stress.

These numerical tests further confirm that this mechanism can exist, if the equivalent stress is at the yield and a non-zero residual stress is present. Due to its significance,
in the next subsection a more detailed study is done for the cyclic load case.
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v-notched bar: cyclic load

In this subsection, the v-notched bar is subjected to a cyclic load condition, and both
the combined hardening and elastic-perfect plastic material model are used. The aim of
this study is to understand the possible impact of additional unexpected plasticity on
the component’s integrity. The main hypothesis is that a ratcheting mechanism can be
enhanced by the additional plastic strain accumulated during the creep dwell. For both
the material model considered the same loading condition is applied, an axial load of 90
MPa with R=0. The creep dwell considered is up to 20 hours for a total of 5 full cycles
for a total 100 hours. The results obtained from the EPP model are significant and are
resumed in Figure 6.12a. A progressive accumulation of the plastic strain occurs during
each dwell period within each cycle. The final total plastic strain in very large, around
the 3.5%. However, if the more refined combined hardening model is adopted the strain
accumulation is very small. This is reasonable due to the capability of the material to
enlarge and move the yield surface leading to a progressive material hardening. For
this reason, a higher loading case is studied up to 110 MPa. The results are depicted in
Figure 6.12b, where the plastic strain history from the combined model at 110 MPa is
compared to the one from the EPP at 90 MPa. At higher loading level, even using the
more refined material model, the plastic strain continues to increase during the creep
dwell.

Figure 6.12: a) Plastic strain history for the EPP and combined hardening model at 90MPa and
b) comparison between the results of EPP at 90MPa and the combined at 110 MPa.

Furthermore, for longer numerical tests that involve more than 50 full cycles the
plastic strain accumulation does not stop as shown in Figure 6.13a. For this load case,
the cyclic response is ratcheting. However, for this test the plastic strain continues to
accumulate during the creep dwell, and no sign of reduction is present. This is shown
in Figure 6.13b, where the plastic strain history is presented for a particular load cycle
during the 20 hours creep dwell.
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Figure 6.13: a) Plastic strain history for combined hardening model at 110 MPa and b) detail
plot showing the plastic strain accumulation during each creep dwell.

To have a clear picture of the cyclic response of the component the hysteresis loop
is presented in Figure 6.14.

Figure 6.14: a) Plastic strain history for combined hardening model at 110 MPa and detail plot
showing the plastic strain accumulation during each creep dwell b) ε < 10% , c) 20% < ε < 30%
and d) ε > 40% axial strain.

The entire stress-strain history is showed in Figure 6.14a, for the axial direction. The
cyclic behaviour is ratchetting, and a strain accumulation up to 40% is observed after 50
cycles. The cyclic response has reached the steady state when the total axial strain is at
the 15%. The cyclic behaviour is shown in detail in Figure 6.14b,c and d. A progressive
stress stabilization occurs during the creep dwells. At the beginning stress increases
non-linearly with the strain. However, a progressive saturation of the stress is observed
(Figure 6.14c), and the associated plastic strain increases enhancing the incremental
mechanism. When half of the total number of cycles have been passed, the stress tends
to exhibit a small relaxation as shown in Figure 6.14d. The contribution of this plastic
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strain accumulation is about the 5% of the overall inelastic strain accumulated. For this
load case, creep produces the largest amount of inelastic strain, causing the component
to exhibit creep-ratcheting. It worth mentioning that the plastic strain accumulated
is larger than the creep strain magnitude for shorter dwell times or when only small
number of load cycles are considered. However, this is strongly related to the material’s
creep properties. For some particular structural steels, the creep properties can make
the plastic accumulation process dominant even for long dwells or number of cycles.
This last finding further proves the importance of this mechanism, which enhances
the creep-ratcheting mechanism by introducing an extra plastic strain at each load
cycle. Furthermore, more extensive numerical test should be performed investigating
the impact of the creep properties.

6.3.3

Mesh study

The potential contribution of the mesh element type and size on this unexpected mechanism have been investigated by undertaking two specific studies. There are many
sources of numerical error in a finite element model, one of these is the element type
chosen. The linear and quadratic elements have been tested. In Figure 6.15 the comparison between linear and quadratic axisymmetric elements is presented. The mechanism
is present for both the type of element. For the V-notched bar (Figure 6.15a), the difference is more evident, and the quadratic element predicts a higher accumulated plastic
strain during the creep dwell. Conversely, for the C-notched bar (Figure 6.15b), very
close results are obtained with the EPP model. Also in this last case, the quadratic element predicts a higher plastic strain. This investigation excludes the mesh type effect
on the mechanism, which is always present when both conditions, previously discussed,
are satisfied. The different stiffness of the element will affect only the magnitude of the
phenomenon, but not its order which is always comparable.

Figure 6.15: Effect of mesh element type on the failure mechanism for the a) v-Notched bar and
b) c-Notched bar.

The second aspect investigated is the effect of the element size on the mechanism,
and for this study, three meshes with an increasing number of elements have been
used. The study focused on the v-notched bar using the EPP model. The element
type adopted is a quadratic axisymmetric element with reduced integration scheme
(CAX8). In Figure 6.16 the results obtained for the most critical location are reported.
The mechanism is always present and affects the component despite the mesh refinement considered. The coarser mesh gives always the smallest amount of plastic strain
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accumulation. The results tend to converge due to the mesh refinement and a more
stable value is obtained for the finer mesh. The mesh with 3660 elements predicts the
same mechanism of the coarser one with 1394. However, a strong increase is observed
from the coarsest mesh of 670. It worth mentioning that any subsequent increase in
the mesh density at the most critical location, does not improve the magnitude of
the mechanism. It is possible to conclude that the mesh size is not the cause of the
mechanism, and it only affects its magnitude.

Figure 6.16: Effect of the mesh element size on the failure mechanism for the v-Notched bar.

6.4

Discussion and conclusions

In this chapter, a new failure mechanism has been investigated and identified by an
extensive use of numerical analyses. Two notched bars have been considered, a vnotched and a c-notched bar. The mechanism occurs during the high-temperature dwell
when two conditions are both satisfied at the same time. In all the cases observed the
plastic strain starts to accumulate only when the following conditions are both satisfied
for the same integration point:
1. The stress is at the yield or the yield condition is verified during the dwell.
2. A non-zero residual stress must exist where condition 1 is satisfied.
3. In order to allow the existence of a non-zero residual stress a creep dwell must
exist.
When this mechanism occurs, no stress relaxation has been observed in a small area of
the notched bar. Four major considerations can be made: (i) the geometry of the notch
plays a crucial role by introducing a multi-axial stress field. The v-notched bar has the
highest plastic strain accumulation, meaning that this mechanism will be more severe
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for sharp notches. (ii) The applied load level must be high enough, or close to the limit
load of the structure based on the EPP model. This condition has been found to be
directly related to the geometry. (iii) The accuracy of the plastic model does not affect
the existence of the mechanism. However, more refined plastic models can produce less
conservative predictions. When a cyclic load is considered, the mechanism produces
a significant plastic strain during the dwell. This makes the mechanisms even more
dangerous especially during off design cyclic loading. iv) The creep dwell is relevant
for the development of the residual stress, but also for the stress relaxation process
which is influenced by the creep properties. In order to clarify if this mechanism is
an artefact or not, the mesh effect has been studied as well. Both the element type
and size do not affect the existence of the mechanism when condition 1 and 2 are
satisfied. The effect of the mesh is minimal, and only slightly affects the magnitude of
the unexpected plastic strain during the dwell. In conclusion with a coarse mesh and
a very simple material model the mechanism can be observed, even using the built-in
ABAQUS material models for plasticity and creep.
For all the previous discussions, this mechanism is considered not an artefact, and
should be investigated more due to its impact on the safety of components subjected
to extreme load conditions at high temperature.

Chapter 7

Conclusions, Discussion and
Future work
7.1

Summary of the Thesis

The work presented in this dissertation is focused on testing and further developing the
capabilities of the Linear Matching Method Framework on high-temperature failure
assessment including creep-fatigue interaction. Furthermore, new insights on high temperature structural integrity have been delivered. This has been achieved by delivering
the following results:
1. A comprehensive review of the current state of art on creep-fatigue damage assessment by detailed non-linear finite element analyses or design codes.
2. The previous creep rupture assessment procedure has been improved by considering a robust and accurate creep rupture stress interpolation method.
3. Studies on creep-fatigue interaction and crack initiation on practical problems
using the eDSCA have been performed.
4. A more accurate creep damage model, using the stress modified ductility exhaustion method has been successfully implemented within the LMM.
5. Extending the knowledge on high-temperature behaviour, investigating a new
failure mechanism.
Currently, the common practice is to use design codes and finite element elastic
analyses to calculate all the design limits of high-temperature structures. In literature,
there are many works on modelling creep damage by using detailed damage models.
However, this approach is very sensitive to the material parameters, and it has been
demonstrated to be also inefficient in terms of computational cost. The LMM represents
a valid tool to help engineers in performing better design and assessment of components,
especially for creep rupture and creep-fatigue crack initiation. The creep rupture limit
calculation has been discussed in chapter 3, where a more accurate algorithm has been
developed to interpolate and extrapolate creep rupture stresses. The solutions provided
by the LMM for creep rupture are always more accurate than the solutions obtained
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by R5 [4] or ASME NH [3]. The R5 approach of using a reference stress leads always
to unnecessary overly conservative results, limiting the designed life.
For creep-fatigue interaction, a lot must be done to further understand the combined
effect of creep and fatigue on the cyclic response, and the dangerous phenomenon of
creep-ratcheting. Within this work, efforts have been done in using the eDSCA to solve
practical problems. The effect of different load conditions on the creep-fatigue life has
been investigated, and several results are discussed in chapter 4. It has been observed
how reversed plasticity can be significantly enhanced by the abrupt stress relaxation,
caused by a creep dwell. This increase of reversed plasticity has been found to increase
the fatigue damage, causing fatigue dominated failure, especially for very short dwell.
In other cases, the reversed plasticity has the beneficial effect on limiting the start
of the creep-ratcheting mechanism. Assuming that the stress during the loading and
creeping phase has the same direction, the only possibility to recover the creep strain
accumulated is to experience more plastic strain during the unloading. This has been
found to be possible in most of the cases for short dwell time or when the primary
load is not too high. When this does not occur creep ratcheting can initiate, becoming
a potential threat to the component integrity. Since now there is no proof of direct
interaction between creep-ratcheting and creep-fatigue damage. For this reason, in
this work, these mechanisms have been assessed separately. However, this should be
investigated more, performing also specific experimental studies.
The creep damage model available within the eDSCA has been enhanced including
both the stress and strain based method. This has been discussed in depth in chapter 5.
The user now has a much more wide choice depending on the assessment code used or
material data available. However, the use of strain based method should be preferred
due to the higher level of accuracy and less dependency on the model parameters.
Furthermore, stress-based methods like the time fraction rule, are in some cases too
conservative producing very short and impractical lifetimes. The major drawback of
strain based methods is the necessity of detailed creep tensile tests. Particular attention
needs to be given on the effect of stress multiaxiality, which has been demonstrated to be
crucial for accurate assessment. It is worth mentioning that the accuracy of stress-based
methods is strongly related to the stress ranges adopted during the experiments. For
most of the experimental data results are available at stress levels higher than those
present at plant-like load condition. This is crucial especially for GEN IV nuclear
reactors, where low stress and long-term tests need to be performed to achieve a high
level of confidence.
The overall development of numerical procedure such as the Linear Matching Method
has been accompanied by the deep investigation of the high-temperature response of
structures. This has been culminated in the analyses of a new behaviour never reported
before in literature. In chapter 6 the increase of plastic strain during high temperature
creep dwell has been discussed. Within this chapter, a comprehensive study has been
done to understand if the observed phenomenon is real or a numerical artefact. The
numerical tests involved the study of the mesh, effect of the geometry, the impact of
the creep dwell and load level effect. All the results confirm that this mechanism can
exist, and the conditions required have been identified and verified.
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Future work

The research work included in this thesis forms the basis for a further extension of
the LMM in assessing high-temperature components. The actual assessment practice
has been demonstrated to be overly conservative. The LMM has the capabilities of
delivering a more accurate assessment against creep-fatigue crack initiation and creepratcheting. Furthermore, the several case studies have demonstrated the capability of
being efficient and versatile. However, some areas should be investigated in the future:
1. The possibility to consider more complicated creep models is very important.
This is currently, one of the most crucial aspects and it will be investigated
by the author during a three months project sponsored by the EPSRC Impact
Acceleration Account. This will improve significantly the applicability of the
eDSCA analysis to a more wide range of materials, increasing the impact over
the industrial and academic community.
2. By adopting the eDSCA analyses more comprehensive analyses should be done
on the effect of complex loading cycle on the creep-fatigue life of components.
In this research work the load cycle considered up to 4 loading instances, with
a creep dwell always at the tensile and/or compressive peak. In the future, the
effect of intermediate creep dwell on the creep-fatigue interaction is recommended
to be done. Furthermore, the effect of multiple creep dwells on the residual stress
should provide new insight on the structural integrity point of view.
3. Up to now the LMMF does not contain an user plug-in for the post-processing
of the results. This represents a significant bottleneck for the dissemination of
the method through the industrial partners. For creep-fatigue interaction, it is
advisable to provide a software tool capable of post-process the result files from
ABAQUS CAE. The plug-in will allow the user selecting the design code to be
adopted, and based on material data provide automatically the component life.
4. The last and most important aspect that must be done in the future is the use
of LMM for creep-fatigue crack growth assessment. The use of a direct method
for such a task is totally new. This represents the biggest challenge for the next
future. The crack growth assessment is an important aspect of the structural integrity assessment. This research work can be delivered within a more articulated
research project, and currently it is author interest to apply for funding in order
to start the research activity on this topic.
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